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Fig. 1. Representative velocity limits for industrial thermowells. The range of process velocities commonly encountered are shown.

The ASME Power Test Code, PTC 19.3 [1,2]
currently establishes the design criteria for ther-
mowells in steam service and is widely used as the
starting point for many thermowell designs. It is
the basis of the published ratings shown in Fig. 1.
The code model is based on a quasi-static analysis
of a prismatic beam and includes contributions
due to hydrostatic pressure, fluid drag, and vortex
shedding. While this model is readily modified to
include other fluids and even mechanical damping,
it is formally restricted to sub-critical, i.e. sub-
resonant, conditions. This is an essential restriction
in high pressure steam service, but it leads to the
application difficulties described for long thermo-
wells.

To better understand the design issues involved
in relaxing the requirement for sub-critical opera-
tion and improving the rating method for practical
thermowells, the simplest possible thermowell
model is considered. This model which permits an
exact solution and demonstrates how resonance(s)
evolve with flow. It also removes the mystery of
thermowell stress, at least for the practicing
instrument engineer, and serves as a benchmark
for approximate methods.

2. Uniform cantilever in a flowing media

Consider a slender beam, attached to an infinite
half-plane and extending into a fluid steam [3] as
shown in Fig. 2. The fluid has uniform velocity
acting to deflect the beam with a force consisting
of static and time dependent components. The
dynamic equation describing the forced excitation
of a beam is given by:
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Fig. 2. Idealized thermowell extending into a moving fluid. The
deflection response to simple drag is illustrated.




D.S. Bartran et al. | ISA Transactions 38 (1999) 123-132 125

& /x| EI ax*E(x, )] =

1
— n#/3CE(x, 1) + F — ad/dt&(x, 1) M

with centerline deflection, &(x, r), modulus of elas-
ticity, £, moment of inertia, 7, mass per unit length,
i, viscous damping coefficient, «, acting to oppose
the motion, and a generalized excitation force, F.
The equation is written in vector notation under
the proviso, that only small amplitude displace-
ments are considered.

Two deflections are considered: that due to drag
and that due to vortex shedding. The drag
response is a steady deflection parallel to the
direction of flow while the vortex shedding
response is a periodic deflection and perpendicular
to the direction of flow. The two excitations as
viewed from the tip end of the cantilever are
shown in Fig. 3. The beam responses in these two
directions are de-coupled to the extent that there is
no interaction between adjacent fibers or torsional
effects. As a result, the equation of motion for the
two coordinates, are identical except for the form
of excitation. A vector is used, fully recognizing
that this represents two scalar beam equations.

The coordinate system is defined, such that the
tip of the undisturbed cantilever is located at the
origin. The solution must satisfy the standard set
of boundary conditions for a beam clamped and
the base and free at other end: {é(L, 1), &(L,1),
&'(0,1),8"(0, 1)} = {0, 0}, with the auxilary rela-
tionship governing the stress response, o(x) = 1/2
DEE(x, w).

Flow

v
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Fig. 3. The tip view, showing the drag and vortex shedding
forces relative to the flow direction.

3. The response to drag

The drag response is a deflection in the direction
of flow, and is a static for a steady flow condition.
The solution is obtained by direct integration for
the case of a uniformly distributed force. After the
boundary conditions are imposed, the solution
reduces to:

E(x) = 8,[1 — 4/3(x/L) + 1/3(x/L)"], 2
with a tip deflection, §,, given by

8o = |F4|L*/8EL (3)

The root stress, o,, defined in terms of the second
derivative of the deflection at the attachment
point, is

0, = 1/2DEIE"(L)| = |F4L*D/4I. @)
The distributed force acting on the cantilever is:
|Fal = 1/2p/CaDV?. ®)

Not surprisingly, Egs. (3) and (4) are the tradi-
tional cantilever formulas and represent the
response to a uniformly distributed load.

4. The response to vortex shedding

Vortex shedding is a common phenomenon,
frequently visible in wind driven motion of power
cables or telephone wires, or the rippling motion
of flags, but it also occurs in heat exchanger tube
banks and thermowell applications. It was first
described by von Karman as a flow induced sound
emitted from wires stretched across a duct. Later,
Strouhal developed the relationship between the
frequency of vortex formation and fluid velocity.
Basically these vortices are characterized by flow
rate dependent fluctuations in the pressure field
surrounding the object. The pressure fluctuations
are associated with the initiation and development
of vortices that develop and roll-off in alternating
fashion to form a series of vortices trailing behind
the object.
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At the risk of over-simplifying vortex shedding
phenomena, they are resolved as two forces: one
parallel with the flow direction and the other per-
pendicular. The force parallel to the flow direction
is dominated by a constant term resulting from
aerodynamic drag, which is modeled in the pre-
ceding section, and a small periodic component
which is ignored. The force perpendicular to the
direction of flow, is periodic, and comparable to
the drag force; it is the dominant feature of vortex
shedding. The vortex shedding force is taken to be
as uniformly distributed and varies in time only.
This is only an approximation and ignores cou-
pling between instantaneous cantilever deflection
and initiation of the vortices.

The transverse force resulting from vortex
shedding is proportional to the aerodynamic pres-
sure with a magnitude given by

|Fil = 1/20CeDV2, ©)

where the force coefficient, C; associated with the
strength of the von Karman vortices, is compar-
able to the conventional drag force coefficient, C,.
The excitation frequency is proportional to the
fluid velocity:

w = 22SV/D. @)

The Strouhal Number, S ~ 0.22, is assumed constant
and empirically relates the cantilever diameter, D,
and fluid velocity, V, to the vortex shedding fre-
quency, w. When the excitation approaches one of
the natural frequencies of the cantilever, resonance
can occur. Since the excitation frequency and fluid
velocity (or flow rate) are linearly related, the
terms critical frequency, critical velocity, or critical
flow are used interchangeably to denote the reso-
nance condition. For example, the first, second,
and third criticals, etc., can be expressed either as
a frequency, velocity, or flow criticals. They
should not to be confused with sonic velocity.

5. Approximate resonant amplitudes

At resonance, the kinetic and potential energies
of the vibrating cantilever are in balance so that

the rate of energy transfer to the system must
equal the total dissipation. This results in a simple
relationship between the aerodynamic forces act-
ing on the cantilever and the amplitude of vibra-
tion. Taking the integral average of both sides of
the dynamic equation results in a balance of the
excitation with the net loss:

|Fil = aw(&). @®)

The mean deflection, (&) is indicated since the net
loss i1s dependent on the overall deflection of the
cantilever not just the displacement at any one
point. Continuing with this estimate, the mean
deflection is bounded by the root-mean-square
and the tip deflection of a simple bending mode
response to a uniformly distributed force, some-
what similar to mode participation factor used in
a more rigorous analysis. The result is:

(&) = {[Jszd(x/L)]‘/zaOk}‘” —07119%0 ()

Combining Egs. (6), (8) and (9), and substituting
the ideal resonant frequency for w;, from Eq. (18),
results in an expression for the tip deflection. Since
the drag and vortex shedding forces are compar-
able, the deflection perpendicular to the flow can
be expressed in terms of ratio of the two:

8ok /80 = 11.23(EIn)'? Jay L2 (10)

The magnification ratio increases with flexural
rigidity and decreases with increasing length.

In analogy with a spring-mass system, the
amplification at resonance is defined in terms of
the relative damping:

dox/80 = 1/2¢7 (= 1/20). (11)

The quality factor, Q, borrowed from electrical
circuit theory, is an alternative measure of the
resonance. The relative damping defined in terms
of the critical damping for non-resonant response,
i.e. { = a/a,, so that:

a. = 22 47(EIn)\? 2 L2 (12)
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The root stress and tip deflection ratios for the
approximate solution are numerically equal, i.e.
8ok /8o ~ oor/0,. With Q’s in the range of 10-100,
the tip deflections and root stresses resulting from
vortex shedding are easily one to two orders larger
than those due to conventional drag forces. In the
case of large amplitude vibrations, a magnification
ratio based on the deflection amplitudes relative to
the beam diameter [4,5].

The shape of the first order resonance can be
invoked by appeals to similarity with spring-mass
system response [6], or rigorously developed as a
power-series solution of Eq. (1). It is characterized
by a complex amplitude of the form:

/80 = 1/(1 — (0/ @) + 2jtw/w;) (13)

where ; is the resonant frequency of the canti-
lever, ¢ is the relative damping, and j=/— 1.
The response is not limited to tip deflection and
root stresses. For example, the tip acceleration,
estimated as w?3,, can be important in the case of
acceleration sensitive sensors. This solution is use-
ful for frequencies up to and including the first
critical(more about this later), but quickly runs
into difficluties as soon as higher order modes are
considered.

6. Modal summation

The response at the higher order modes can be
obtained systematically by a modal analysis of the
cantilever. Briefly the solution to Eq. (1) is
approximated as a linear combination of
undamped normal modes [7,9,10]:

£(x, w) ~ Tqi(w)pi(x), (14)

where the, ¢;, are the modal solutions. These are
commonly tabulated, real-valued, orthogonal
functions. The expansion coefficients, g¢;, are
known as the generalized coordinates of the sys-
tem.

The modal solutions for the ideal beam are
routinely tabulated for a variety of boundary
conditions [10]. For the ideal cantilever they have
the form:

@i(x) = cos h(yix/L) — cos(yix/L) (15)
— oilsin A(yix/L) — sin(yix/L)]

where the o; = {0.7341, 1.0185,0.9992, 1.000, .. .}

are integration constants and y; are the modal

conants.

Substituting the modal expansion is substituted
into Eq. (1), and using the orthogonality relations,
it is decomposed into a system of linear equations.
For the case of periodic excitation [9], the dynamic
equation reduces to:

gi(@) = 8748, Ti/(1 — (0/@)* + 2jiw/w).  (16)

The mode participation factor, IT'; = 20;/y;, defines
the relative strength of excitation for the given
mode, ¢; is the relative modal damping, and §, is
the equivalent tip deflection resulting from drag.
Modal damping is included to illustrate how losses
limit the response at resonance and is a function of
frequency. It is related to the viscous damping by:

¢ = 1/2(a/oip). 17

For the case of a uniform cantilever, mode parti-
cipation factor is series of numbers T;=
{0.7829, 0.4339, 0.2544, 0.1819, .. .}, while the cri-
tical frequencies, w;, are given by:

w; = Vi (EI/w)' /L2, (18)

with {yi} = {1.875, 4.694, 7.855,10.995, .. .}.

The total response is a summation over all of
the modes so that the deflection amplitude at the
tip (x = 0) is given by:

8c/8 = |28y Ti/(1 — (/@) + 2jciw/w)l.  (19)

Simlarly the combined stress amplitude, as a sum
of the drag and vortex shedding components as in
the Code model is given by a summation of the
modal contributions as:

0/d, = 1+ |24y Ti/(1 — (/@) + 25w/ @),
(20)

where o, is the drag stress. The code model con-
tains an additive term for the hydrostatic stresses
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and a correction to allow for non-uniform beams,
ignored in the present analysis, but is in principle,
identical with Eq. (20) in the limit of zero losses. For
the case of viscous damping, the normalized tip
deflection and root stress decrease as ~ yT'; and
~ I'; respectively.

7. The exact solution

Using complex exponential notation, the trans-
verse component of the dynamic equation, Eq. (1),
has a product solution of the form, &(z,w,1t)
= A(w)e**e! for the case of sinusoidal excitation,
F = F,&/". The frequency dependent coefficient is
a complex variable. Substitution in the homo-
geneous equation results in the characteristic
equation for the spatial coordinate:

K — po*(1 — jo/wp)/EI = 0. (1)
This equation has four complex roots symme-
trically arranged about the origin. Using de
Moivre’s theorem:

{kiy = (k@MDY () =10, 1,2, 3). (22)
These are more conveniently expressed as:

(ki = {fhola+jb)}, (1) =(1,2,3,4) (23)

with the following definitions

a = cos(¢/4) (24)
b = sin(¢/4) (25)
k* = pw?(1 + tan® ¢)'/*/EL (26)

The principle angle of the complex roots, ¢, is
defined as

tan¢g = —o/uo. (27)

The periodic, steady-state solution is a sum of
exponentials associated with the roots of the char-
acteristic equation and the particular integral, i.e.

E(.‘C, w) — Ae(a+jb): + Be/(a+jb)z + Ce—(a+jb)z

+ De et 4 Fe™b (kA EL 2%)
This solution is subjected to the same set of
boundary conditions as in the static case and
results in a system of linear equations in terms of
the unknown coefficients (A, B, C, and D). These
coefficients are complex numbers and generally
frequency dependent. Eight real unknowns and
eight real equations are involved in the solution.
This solution applies to all beams that are piece-
wise uniform with a considerable increase in the
unknowm coefficients and can be readily extended
to stepped-profile beams and various boundary
conditions.

The exact solution must be evaluated numeri-
cally. This proceeds by picking the excitation fre-
quency, i.e. specifying the fluid velocity for a given
process condition, and solving for the coefficients
using any of the common routines, such as Guass—
Jordan elimination. This process is repeated for a
range of flows to chart the over-all magnitude
response. Since losses are included, the 8x8 coef-
ficient matrix, formed from Eg. (28) when the
boundary conditions are applied, is non-singular
for all frequencies, and the resonances show up as
well behaved peaks in the response rather than
discontinuities. The temporal solution can be
reconstructed by taking the real part of &(z, w)e/*,
if needed. The tip displacement |£(0, )|, tip accel-
eration ’[£(0, w)|, and root stress o = DE|&
(L, w)|/2 are readily calculated by direct evalua-
tion.

The closed-end tip of practical thermowells,
reflects a departure from a truly uniform beam,
and affects the resonant frequencies slightly. It can
be included as a mass loading which modifies tip
shear condition, i.e.

ETE"(0) = puripw’£(0) (29)

or by means of the Dunkerley or Rayleigh
approximations. The “added mass” of the fluid
surrounding the cantilever [5] is also important for
high density gases or liquids and can be included
as a correction to the effective mass density of the
cantilever. It shows up as a noticeable pressure
dependent resonance in compressible fluids. Other
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boundary conditions which are included, such as
pipe wall flexure can also be considered.

Several sample calculations are considered. In
Fig. 4 the exact response (vortex shedding only) is
plotted against the frequency, with Q ranging
from 1.25 to 10. The response upto and including
the first critical is similar to generalized magnifi-
cation factor charts for a simple spring-mass sys-
tems [3,6,7] with the exception of the higher order
criticals. Note that the ratio of the normalized
stress peaks is proportional to T'; as predicted from
the modal analysis.

A comparison of the three solution methods is
shown in Fig. 5 for Q = 10. The primary differ-
ence between the calculations is the pronounced
anti-resonance or dip in the exact response, not
present in the single mode power series solution or
the modal analysis (four terms are used). Without
attempting to quantify the numerical differences,
all of these methods are completely suitable for

Stress Ratio

Typical Dynamic Response

|

routine thermowell stress calculations up to the
first critical. For ihe higher order modes, it is
necessary to use either the modal analysis or the
exact solution. The worst case stresses will be
generally associated with a resonant peak.

The calculated drag and vortex shedding stres-
ses for an actual thermowell application are plot-
ted in Fig. 6. The cantilever dimensions and
service conditions summarized in the legend are
the same as used for the previous figures but with
much smaller damping (Q = 100), so that the
magnification ratio at the first critical ~50. The
drag stress increases with the square of velocity.
The vortex shedding stresses on the other hand are
characterized by a succession of resonances and
anti-resonances. The resonant peaks are propor-
tional to the product of the mode particiaption
factor and the drag stress.

The maximum allowable stress for static and
cyclical loads are also shown in Fig. 6 for

o] 1 2 3 4

Frequency Ratio

Fig. 4. Normalized stress (vortex shedding/conventional drag) versus normalized frequency. System Q is shown as a parameter.
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comparison. In this example, the second critical is
well beyond the normal range of steam velocities
commonly found in closed systems. Higher order
modes are a more common issue only in long
protection tube designs.

8. Maximum allowable stresses

The PTC is specific to severe service steam
applications, but in practice it is used as the start-
ing point for thermowell design and application
for all services. It also requires that the sum of the
hydrostatic, drag, and vortex shedding stresses do
not exceed the maximum allowable working stress,
and that the stream velocity be limited to 80% of
the first critical. These are realistic criteria in
extreme services where resonance must be avoided
at all times as is the case in high velocity steam
applications or where thermowells are located
upstream of rotating equipment.

However, when these criteria are applied to less
severe services, the velocity rating can be so
restrictive as to impair measurement accuracy.
Although the code acknowledges the importance
of measurement accuracy, it does not address the
consequences of extremely low critical velocities.
When damping is included, even if only approx-
imate, the criterion for thermowell velocity ratings
is reduced to a stress condition and it is seen that
low velocity resonances can be ignored in certain
cases.

Additionally, the PTC takes the approach of
using the maximum allowable working stress of
the material based on its use in piping systems.
This allowable is based on a 20 year service life
with a daily stress cycle, i.e. 7000 stress cycles.
Clearly this is not the case here, where the stress
cycles occur at several hundred cycles per second.
Inspite of this, none of the published thermowell
literature suggests that the allowable stresses need
to be derated. Where corrosion fatigue is expected,
particularly in non-steam applications, it is sug-
gested that the allowable stresses be derated. This
is especially true where hydrogen embrittlement or
stress corrosion cracking is a concern.

Fatigue allowances are never exact, but a design
allowance for them is essential. When fatigue data

are not available for a given design, the allowable
stress can be derated by a factor which based on
the number of stress cycles as is done in piping
systems [8]. This is based on the observation that
the cycles to failure is inversely related to the 5th
power of the stress amplitude [8], so that the
maximum allowable stress for static conditions
must be reduced by the factor of

K~ 6N (30)

to account for the cyclical nature of stress, where
N is the number of cycles. For a nominal duration
of 10® cycles, the maximum allowable cyclical
stress is reduced to ~15% of the allowable work-
ing stress for static loads. Considering the uncer-
tainties in the flow conditions for the average
application and the rate at which stresses increase
with velocity, this derating is not as severe as it
seems.

9. Conclusions

Dynamic stress analysis can be routinely applied
in the application phase of thermowell selection.
The real benefits of such an analysis are process
specific estimates of the static and dynamic stress
levels. The key is including dynamic losses in the
stress model.

The analysis can be developed from first princi-
ples or by an extension of the existing PTC model.
The choice of model depends on the range of
velocities being considered and the degree of
completeness required. In the case of severe service
thermowells a damped spring-mass resonance is
completely adequate. In the case of less severe
services where the potential of higher order exci-
tations exists, it is necessary to use a more com-
prehensive solution found in a modal analysis or
in the exact solution. When damping is included,
the industry practice of selectively ignoring extre-
mely low velocity ratings is partly explained since
low velocity resoances are invariably low stress.

Essential to any of these model calculations, is a
better understanding of vortex shedding especially
at the higher order modes and improved estimates
of the dynamic losses. For the present it is necessary
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to treat these phenomenologically and adapt a
strategy of avoiding high velocity resonances in
conjunction with an allowance for corrosion fati-
gue.

Regardless of the stress model being used and
inspite of the uncertainties in the damping para-
meter, etc., the detailed stress analysis improves
the quality of thermowell selection and establishes
a systematic basis for mechanical integrity. With
the availability of desk top computing, these cal-
culations are reduced to a routine evaluation.
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Abstract

A flexible beam model is proposed for calculating the flow induced stresses and application limits of common ther-
mowell designs. It is intended to replace traditional selection methods with one which emphasizes mechanical integrity
and process containment. © 2000 Elsevier Science Ltd. All rights reserved.

1. Introduction

When dynamic analysis methods are used to
evaluate thermowell application stresses, it is soon
discovered that traditional application rules result
in a surprising number of instances where thermo-
well failure is likely to occur. This is not restricted
to high pressure steam services, but includes the
full range of liquid and gas applications.

Historically, the Murdock thermowell stress
model [1] and the accompanying ASME Perfor-
mance Test Code, PTC 19.3 [2] deal with the rela-
tionship between thermowell design and dynamic
ratings in high pressure steam applications. They
address the issues of vortex shedding, flow induced
resonance, and material strength in establishing the
dynamic ratings of the thermowell and are the
accepted basis for published velocity ratings in
North America. While the PTC model is not with-
out its failings, its predictions are frequently ignored

* Corresponding author. Tel.: +1-314-275-5869; fax: +1-
314-275-5942.

E-mail address: david.s.bartran@monsanto.com
(D.S. Bartran).

in an attempt to reduce the effects of conduction
errors and the effects of process stratification.

For example, traditional thermowell selection
methods are commonly based on a fixed ratio of
thermowell length to pipe size. The result is a siz-
able number of thermowells being exposed to
resonant conditions as the pipe size is increased.
This was confirmed in a dynamic analysis of over
eighty thermowells, selected by traditional means.
Over a third of the applications were at risk of
mechanical resonance and two of the highest stress
applications were upstream of rotating equipment.

After demonstrating that the percentage of
thermowells at risk was not significantly altered by
changing the ratio of thermowell length to pipe
size and the calculation method was demonstrated
to be a conservative estimate, the traditional
selection rules were abandoned altogether.

Obviously, a more comprehensive selection pro-
cess is needed, one based on the actual service
stresses rather than arbitrary rules or generic
velocity rating tables. Unfortunately, the PTC
model, so often used to establish the thermowell
velocity ratings, cannot be used for this purpose,

0019-0578/00/$ - see front matter © 2000 Elsevier Science Ltd. All rights reserved.
PII: S0019-0578(00)00007-0




134 D.S. Bartran et al. | ISA Transactions 39 (2000) 133—-142

because it is based on a stress model that pre-dis-
poses thermowells to tensile failure.

2. Cantilever in a flowing media
2.1. Continuous beam model

Consider a slender beam, attached to an infinite
half-plane and extending into a fluid steam as
shown in Fig. 1. The fluid motion acts to deflect
the beam with a force consisting of static and time
dependent components. The bending mode response
is described by the Euler—Bernoulli equation [4,5]:

&P /X[ ENx)P 0xE(x, 1) = —u(x)8 /3£2E(x, 1)
+ F(x, t) — ad/dt&(x, 1)

()

with centerline deflection, &(x, ) having compo-
nents parallel to and transverse to the direction of
fluid flow. The beam is characterized by a modulus
of elasticity, E, a moment of inertia, I(x), a mass
per unit length, u(x), a viscous damping coeffi-
cient, , acting to oppose motion, and a general-
ized excitation force, F(x,#). The dynamic
equation is written in vector notation under the
proviso, that only small amplitude displacements
are considered.

The coordinate system is defined, such that the
tip of the undisturbed cantilever is located at the

Fluid Velocity
\Y)

X
ZlY

Emx

Ew@ = 8o

AXNMANMARNARRNN

x:L X=O

Fig. 1. Cantilever coordinates for the continuous beam model.

origin. The solution must satisfy the standard set
of boundary conditions for a beam clamped at the
base and free at the end. The stress response is
related to the thermowell deflection by the aux-
iliary relation:

a(x) = D(X)EE"(x, 1)/2, @

where partial derivative operations are represented

as £ = 9/09x(£).
2.2. Fluid drag and vortex shedding

The forces acting on the thermowell result from
the change in momentum when the fluid path is
disturbed. This results in a time averaged force
acting to bend the thermowell in the flow direction
(conventional drag) and periodic, approximately
sinusoidal components acting parallel to the flow
direction (oscillating drag) and transverse to the
flow direction (oscillating lift) as shown in Fig. 2.
The oscillating components are associated with the
initiation and release of von Karman vortices
from alternate sides of the thermowell.

The lineal force density [6] acting on the beam is
given by:

F(x, t) = (Fp + F;sin 2wi)v + Fx cos wiz, 3)

where the components of force have the form:
Fg = pfD(x)CsV?/2, where the subscript g =
{D,d, K}, corresponds to drag, oscillating drag,
and oscillating lift components, respectively. The
vortex shedding frequency is roughly linear with

Flow

Fk Cos mt
Fy Cos 2mt
Fo

Fig. 2. Transverse forces acting on the thermowell.
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the average fluid velocity: w = 2aSV/D, with a
Strouhal number, S~0.22.

2.3. Generalized response

The complete solution consists of a static com-
ponent, §(x), associated with fluid drag acting in
the flow direction, v, and a dynamic component,
n(x, w), associated with oscillating lift in the
transverse direction, z:

£0x, @) = [80) + e(x, ™y + n(x, W)z, (@)

The static solution, §(x), is calculated by finite
element methods for a uniform flow profile while
the dynamic solutions for oscillating drag &(x, ),
and oscillating lift, n(x, w), are calculated as an
expansion of normal modes, ¢; [4]. The static
response and the normal modes are calculated
using finite element methods.

The dynamic responses are expanded as sum-
mations of orthogonal functions [4] as follows:

&(x, w) ~ Zpi(wyp(x),i=1,2,3... )

for the oscillating drag and
n(x, w) ~ Tglwei(x),i=1,2,3... ©)

for the oscillating lift. The expansion coefficients
{pi, ¢;} are the modal amplitudes.

Orthogonality has the useful property that the
product of any two functions in the set satisfy:

Jgoigojdx =0fori#j N
and
Jgo,-(pjdx =Lfori=j. 8

Associated with the normal modes are the gen-
eralized stiffness and mass coefficients, «;u;;, are
given by:

Kij = JEI(x)q)fv(pjdx +2 J EI'(x)¢{ ¢;dx

+ JEI' "(x)¢} pdx )

and
by = J W, (10)

The assumption of a coherent vortex shedding
process results in a separable excitation model [7],
so that a modal participation can be defined. With
F(x, w) = Fof(x)e’®!, where Fy = p/CpV?A4/2 and
f(x) = D(x)/ A, the modal participation factor is:

r;=L"1 J fx)pidx. N

The effective mode constant, ¥;, is calculated in
terms of the critical frequency, modal stiffness,
and mass as:

V2 = ol (ki/ i)™ (12)

These generalized coeflicients allow a convenient
representation of the dynamic equation in matrix
form:

[/ D*kis — (1 — jerj o) [{qi@)} = (T} Fo.
(13)

The square brackets, [ ], are used to indicate the
square coefficient matrix and braces, { }, column
vectors. If the basis functions are actual solutions
to the homogeneous equation, then the off-diag-
onal terms are identically zero. Since approximate
modes are used, off-diagonal terms are expected in
both the stiffness and mass matrices, which repre-
sent higher order interactions (non-linear terms).
Ignoring these interactions, the modal amplitudes
are obtained by simple division. A similar set of
equations can be written for the oscillating drag
response. The longitudinal stresses are obtained by
applying the auxiliary relation, Eq. (2) to the
respective deflection responses.

3. Critical frequencies

The critical frequencies of the thermowell serve
as a focal point for the data essential to any stress
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calculation capable of characterizing the flow
induced stresses. These estimates should have a
rigorous theoretical basis, allow for sensor mass,
temperature effects, materials of construction, and
added mass of the fluid [8].

Common manufacturing tolerances of thermo-
well length are on the order of ~1%. This suggest
that the minimum level of accuracy needed for
evaluating industrial applications, as defined by
Aw/w; ~ 2(AL/L), is on the order of 2%. This is
well within the capability of the finite element cal-
culation or the analytical solutions. The criticals
predicted by the finite element model are con-
sistently within ~0.25% of those derived from
analytical solutions for the uniform, piecewise
uniform, and linearly tapered beams, with 512
elements in the model. Accuracy of the critical
estimate is inversely related to the number of ele-
ments used in the calculation.

The critical frequency measurements published
by Blevins et al. [9] offers a practical test of the
finite element method. The test fixture used for
these measurements is representative of a common
class of thermowell installations involving a flan-
ged pipe stub. Initially, the finite element method
was found to consistently over-estimate the mea-
sured frequencies by an average of ~4% for the
first and ~5 to ~15% for the higher order criticals
with a 50 mm stub length.

This discrepancy was several times larger than
expected, given close agreement between the finite
element calculation and analytical solutions.
However, when the test fixture, as a flanged pipe
stub, was included in the critical frequency calcu-
lations, the discrepancies were reduced to less than
~0.7% for the first and less than ~0.8% for the
second critical. The third critical could not be
consistently predicted, because of the overlap
between the fixture and thermowell modes.

Fixture parasitics are not just an academic issue.
With flanged stubs as long as 250 mm in practical
installations, the fixture itself may be excited to
resonance by the flowing forces acting on the
thermowell. Such installations should be carefully
evaluated in any high velocity service, even if the
thermowell is only partially exposed. Close-cou-
pled mounting is recommended in all high velocity
applications.

4. Design criteria for thermowells
4.1. Current design practice

Currently, the allowable design stresses of ther-
mowells are not formally covered by any code or
standard. Murdock recognized the benefits of
having a commonly agreed basis for setting the
allowable stress and suggested that the Boiler and
Pressure Vessel Codes [10] be used for this pur-
pose. This was later extended to include the Piping
Codes [11], but without clarification.

In the current PTC, the thermowell is viewed as
a small diameter pressure vessel with shear stress
on the inner wall controlling the design. However,
with all due respect, thermowell failures do not
normally originate on the inside of the thermowell
but rather on the outside, where the bending
stresses and risk of corrosion are greatest.

Except for differences in how bending and static
pressure stresses are combined in the flexibie beam
model, the piping codes practically describe the
design requirements of the thermowell. Full
advantage is taken of this fact in using the piping
codes as the basis for allowable stress data for
both static pressure and dynamic ratings. The
most common piping codes are B31.1, for Power
Piping and B31.3, for Process Piping.

4.2. Static pressure stresses

The primary stresses in the thermowell shank
are axial, radial, and tangential. The axial stress is
given by the hydrostatic load acting on the
thermowell cross-section, while the radial and
tangential (hoop) stresses are given by the Lamé
formulas [12,13] for a thick walled tube. The
greatest pressure stresses (hoop) occur on the
inner wall, at a location where the wall thickness is
smallest (usually near the tip):

S;= P,B*[(B* — &) (14)
S, =0 1s)
S¢ =2P,B*/(B* — d*). (16)

The dimensions are in Fig. 3.
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Fig. 3. Common thermowell designs: straight, tapered, and
stepped.

The hoop stress on the inner wall of the ther-
mowell controls and establishes the minimum wall
thickness of the thermowell shank and the static
pressure rating of the thermowell.

4.3. Tip stresses

The closed end tip of the thermowell deserves
special attention. For design purposes it can be
approximated as a thick circular plate clamped at
its rim, with a diameter equal to the bore, d, and
with thickness, 7. With uniformly distributed
hydrostatic pressure, the peak radial stress in the
plate [13] is given by:

S, ~ 3P,(d/7)*/16. (17)

Where the tip thickness is not uniform, use of
the minimum thickness establishes the worst case
stress. The PTC does not consider tip stresses
explicitly, but requires that the tip thickness be set
equal to the minimum wall thickness of the shank

[1]. However, this is not sufficient in the case of
large bore or pipe type thermowells.

4.4. Combined longitudinal stresses

The longitudinal bending stresses of the ther-
mowell increase with flow while the hoop stresses
remain constant and at some point control design.
For a representative thermowell, this transition
occurs at ~15 m/s for compressible fluids includ-
ing steam and at ~1.5 m/s for liquids; dynamic
effects should be considered in most applications.

Above the transition velocity, the principle
stress is dominated by the combined longitudinal
stress. It includes the hydrostatic thrust, S;, con-
ventional drag, Sp, oscillating drag, Sy, and oscil-
lating lift, Sk stresses:

S) = P,A? /(A% ~ d) (18)

Sp=op 19

Sq= a’d|24)’i_2ri[1 — Qo/w)’ + 4f§i“’/“’f]_l+A|

(20)

Sk = op| B4y 2T [1 = (/) + 2gw/w]  +4|
i)

When the summation is performed only over a
finite number of modes, all higher order modes are
sub-resonant and results in a additive term,
A =1~ Z4y72T;. The drag stress and oscillating
drag constants, op and oy, are functions of the
fluid velocity but parametric in the vortex shed-
ding frequency, and are calculated at each velocity
by finite element methods. The relative damping is
related to the viscous damping parameter by
¢ = aw/2u;. The drag stress for a uniform beam
is op = pCpA*L*V?/8I.

The peak stress is defined as the sum of the
absolute component values. While a more definitive
estimate is possible, it is hardly worth using, given
the usually uncertainty in flow conditions. A defi-
nition based on the root-means-square of the
stress components [3] under-estimates the peak
stress and should not be used.
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For design, the peak stress must be less than or
equal to the maximum allowable (tensile) stress
for the material i.e.

4
1811+ 1Sl + ISdI’lSKI <KSpm. 22

A fatigue de-rating factor, K, is included in the
design criteria. In non-corrosive services, de-rating
may be un-necessary [9] for common materials.

4.5. Sensor stresses

The acceleration stress experienced by a tem-
perature sensor placed in the thermowell is given
by the second order derivative in time of the
deflection response. Unlike the peak stresses, the
combined amplitude of the acceleration stress is
given by the root-mean-square of the oscillating
drag and oscillating lift components.

While there is very little data regarding allow-
able sensor stress under sustained vibration, it
cannot be ignored. It is not uncommon for the
predicted stresses to exceed 50-100 g near reso-
nance. Some sensor designs appear to be resistant
to vibration (> 50 g), but others are not (<5 g).
Even limiting acceleration stress to 5-10 g, is fre-
quently more restrictive than the allowable design
stresses of the thermowell.

5. Sample calculations

Several examples of the proposed stress model
are considered. The first is taken from PTC 19.3
while the remaining examples represent thermo-
wells which have actually failed in service. The
same calculation procedure is used for all thermo-
wells with the drag stresses, critical frequencies
and other modal constants are calculated using the
finite element method with 512 elements. The
modal constants are estimated for the first four
modes, all others assumed to be non-resonant, and
the damping parameter is arbitrarily set so that
the relative damping for the first critical is fixed at
1%. The modal analysis is performed for the
range of fluid velocities that span the given appli-
cation and the peak longitudinal stress is plotted.
The drag and oscillating lift coefficients are both

set to unity, and the oscillating drag is set at a
tenth of the oscillating lift. Customary US units
have been used to simplify comparison with the
original PTC example.

The predicted longitudinal stresses for the PTC
[2] example are shown in Fig. 4. This is a thin
walled, tapered thermowell, with dimensions and
process conditions shown in the figure. Note that
the longitudinal stress dominated by static pres-
sure stresses at low velocities and by the flow
induced stresses and resonance at high velocities.
The two resonant peaks correspond to oscillating
drag and oscillating lift excitation of the first order
critical of the thermowell.

Oscillating drag results in a stress peak just
below 300 ft/s (91 m/s), the given service velocity,
with oscillating lift dominating the response at
~575 ft/s (175 m/s). Since this is a power station
example, the piping and the thermowell are
designed to the maximum allowable tensile stress
permitted under B31.1 for Power Piping. The
maximum allowable stress at the service tempera-
ture, shown on the graph, limits the design to
~275 ft/s (84 m/s).

A direct comparison with the PTC is difficult
since it does not include oscillating drag and relies
on an incorrect representation of resonance.
However, after correcting the magnification ratio
and using the actual, rather than the estimated,
critical frequency of the thermowell, the maximum
allowable stress condition limits the service velo-
city to ~392 ft/s (120 m/s). This is some 50%
higher than the velocity allowed under the pro-
posed model. In fact, if this thermowell is operated
at the higher rating, it is likely to experience tensile
failure!

Additional examples considered in Figs. 5-7,
document applications where actual failures have
been reported. The actual service temperature,
pressures and fluid are indicated, but the calcula-
tion is performed using the nominal properties for
316 stainless steel with the allowable stresses taken
from B31.3 for Process Piping. In each case, the
proposed stress model correctly identifies the
potential for failure.

The second exampie shown in Fig. 5, is a ther-
mowell in which a resistance sensor failed where
the extension wires were attached. The normal
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flow condition approximately coincides with the
resonance condition for oscillating drag and
results in acceleration stresses exceeding ~5 g.

The third example, Fig. 6, is a documented fail-
ure [3] of a thermowell in a liquid sodium coolant
loop where the process containment was lost. The
normal flow condition coincides with the first cri-
tical of the thermowell (oscillating drag) and the
potential for failure is evident even without de-
rating for fatigue. Use of a tapered thermowell
design, as recommended by the authors [3],
increases the critical velocity by a factor of
three and reduces the root stresses by an order of
magnitude.

The fourth example, Fig. 7, documents a second
hand report of a thermowell failure. Here the
normal expected flow coincides with the resonance
condition (oscillating lift) for a thermowell whose
length was set at 40% of the pipe diameter. Again,
the potential for thermowell failure is obvious. In
this case the damaged thermowell was replaced by
a longer one with good results, but a practice only
recommended where a careful assessment of the
thermowell stresses have been made.

6. Conclusions

Dynamic analysis of the thermowell as a flexible
beam is the most effective method for predicting
thermowell mis-application. However, it must be
used in conjunction with a conservative estimate
of the peak stresses and a realistic criteria of fail-
ure (allowable stresses). The Piping Codes offer
the most reliable collection of material designa-
tions and allowable stress data suitable for ther-
mowell manufacture. Their use insures designs
which are compatible with the adjacent piping.
This is demonstrated by an evaluation of several
documented thermowell failures, which could have
been avoided.

Though frequently cited as a basis for design,
the PTC 19.3 is based on an in-complete stress
model and results in thermowell designs predis-
posed to tensile failure. Traditional selection
methods which focus exclusively on measurement
accuracy or response time, offer little or no help,
being equally prone to thermowell mis-application.

Both methods should be abandoned and replaced
by either a thermowell selection based on a com-
prehensive stress analysis or a velocity rating
method based on such an analysis. The dynamic
analysis need not be overly complex, even a sim-
plified estimate of the conventional drag stresses
and the velocity corresponding to the onset of
resonance can be used to define the operating
envelope of the thermowell.

Where analysis is not possible, the fluid velocity
is high, i.e. > 30 m/s for gas and steam and >3 m/s
for liquids, the thermowell length should be
restricted to 50 and 100 mm, respectively. While
these length requirements can be relaxed some-
what if the thermowells are installed in an elbow
or inclined relative to the flow direction, or if
tapered thermowells designs are considered, these
design options can only be exercised to their fullest
extent when a dynamic analysis is performed.
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Fig. 6. An application in which stress cracking at the onset of resonance resulted in loss of process containment and fire.
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Abstract

Dynamic analysis techniques are used to identify high risk thermowell applications.

Introduction

Specification of the pressure rating and use of corrosion resistant materials is usually sufficient
to guarantee the mechanical integrity of thermowells. However, in high velocity fluids, a more

comprehensive basis for selection is needed.

Current velocity rating tables are usually based on a nominal steam or condensate service to
serve as a guide for thermowell selection. Murdock’s stress model and its companion, the
Performance Test Code, PTC 19.3, are the most commonly cited basis for these ratings; however

they do not account for all of the service stresses!

To compound these difficulties, traditional thermowell selection methods, based on measurement
accuracy, largely ignore velocity ratings. For example, to insure that conduction errors and
process stratification are minimized, it is common practice to require that thermowells lengths
range from 1/3 to 2/3 of the pipe diameter regardless of the fluid velocity. When dynamic

analysis methods were used to evaluate such applications, a survey of some eighty thermowells,



found ~ 30% of the applications susceptible to fatigue failure and ~ 3% at risk of immediate

stress failure.

The following calculation outlines a method which identifies high risk applications in the design

stage and insures thermowell and sensor integrity.

Thermowell Stresses

Under static conditions, the thermowell design is controlled by the circumferential stresses in the
shank caused by pressure. In the presence of flow, however, the longitudinal stresses, increased

by the dynamic forces acting to bend the thermowell, Fig(1), dominate the stress model.

The forces acting on the thermowell have the form:

F(x,t) = (Fp + F; Sin 200t ) y + F,Cos wt z , (1)

where the force components have the form: Fz= p; D(x) C,gVZ/Z where f={D,d,k}, corresponds
to drag, oscillating drag, and oscillating lift components. The oscillating lift coefficient is
comparable to the conventional drag coefficient and Cp ~1, while oscillating drag is only C,~
0.1. In spite of its reduced intensity, oscillating drag is capable of forcing the thermowell into
resonance at lower velocities than is possible with oscillating lift simply because it occurs at
twice the vortex shedding frequency. Resonance can easily increase the stress levels by one to

two orders of magnitude above the drag stresses.




To simplify the calculation and to insure a conservative stress estimate, the vortex shedding
process 1s assumed to be span-wise coherent regardless of the thermowell design. The vortex
shedding frequency is roughly linear with the average fluid velocity and inversely related to
thermowell diameter, D, i.e. @ =21 S V/D, with a Strouhal number, S ~ 0.22. Where the
thermowell is non-uniform, the tip diameter is used to calculate the vortex shedding frequency.

Note that oscillating drag occurs at twice the vortex shedding frequency.

The longitudinal stresses, i.e. due to bending and static pressure, reach a maximum at the base of

the thermowell. The stress distribution is similar to that of an eccentrically loaded beam, and the

peak stress has the form:

S=S5,+Sp+S;Sin20t+ S, Coswt. 2)

The components of stress are: S, , the static pressure stress, Sp , the drag stress, S, , the

oscillating drag stress, and S , oscillating lift stress.

S, =P, AY(A%LEY) €)]
Sp =6p @
Su= oy Xcll-Qolw)Y+4j wlw; T, )
St = o Zoll-(wlo)+2jolo]", 6

with modal amplitudes, c;, critical frequency, @;, and relative damping,;. For example, the stress

amplitudes for a straight shank thermowell have the form 65 = prﬁD2L2V2/8I where f={D,dk}.



Design Criteria

The PTC only includes conventional drag and oscillating lift in the stress model and is
concerned with shear stresses on the interior surface of the thermowell. This focus on the shear
stresses stems from an earlier view of thermowells as a small bore pressure vessels rather than as
flexible beams. It is adequate for low velocity applications where the pressure stresses dominate,
but it is inconsistent with the failure characteristics of thermowells generally. In a more
comprehensive analysis, the longitudinal stresses on the outer surface of the thermowell control
the design at high velocities. Thermowells typically experience tensile failure long before the

shear limit is reached. As a result the PTC model should not be used in its current form.

The design requirements for a principle stress model of the thermowell are essentially those of
small diameter tubes subjected to external pressure and bending. These requirements are so
close to those established in the piping codes that their use as a source of allowable stress data
and material designations is justified. This also insures that the thermowell design is compatible
with the adjacent piping. The benefits of this approach are found in several case study examples,
which show that failures can be anticipated in the design stage of thermowell selection. The
most commonly used ASME piping codes are B31.1 for Power Piping and B31.3 for Process

Piping.

The static stress, as sum of the absolute values of the stresses caused by pressure and drag should

not exceed the maximum allowable stress of the material, i.e.

I S;1+1Sp < MAWS. @)



Additionally, the high cycle dynamic components should not be allowed to exceed the fatigue

allowable

ISgl+1S, < KMAWS (®)

where K is the stress-reduction factor for the given application. This new criteria is more
restrictive than the previously proposed in those cases where cyclical stresses dominate and

corrosion is present.

The static allowable stresses for various materials are tabulated in the piping codes. Allowable
stresses for fatigue loadings such as caused by thermowell vibration are frequently lower than the
static allowable stress, depending on the number of cycles expected during operation. B31.1 or
B31.3 rules may be used to determine fatigue allowable stresses. The maximurg allowable static
stress is used to determine the pressure rating of the shank portion of the thermowell and is in

line with current industry practice.

Sample Calculations

Two stress calculations are presented which demonstrate the principle benefits of the proposed
model. One of these calculations involve an actual failure and the second is taken from an
®

example in the current PTC 19.3. Both cases demonstrate how the proposed model can be used

to identify high risk applications and potential failures in the design stage.



The various stress components are calculated by a combination of finite element and modal
analysis techniques. The dimensions, service conditions and temperature are indicated in the
respective figures. The maximum allowable static stress is taken from B31.3 for the first
example while B31.1 is used for the PTC calculation. The fatigue allowables are assumed to be
one half the static allowable stresses. For clarity, only the cyclical stresses are shown in the

figures.

The first example, Fig(2), is in liquid sodium cooling loop at Monju Japan, where thermowell
cracking was reported with loss of process containment and subsequent fire. Thermowell failure
coincides with the oscillating drag condition with stress levels approaching the allowable stress
of the material. The tip acceleration is ~150 g’s at oscillating drag resonance. This compares
with a tip acceleration ~260 g’s derived from the reported displacement amplitudes in actual flow

tests.

When the maximum allowable stress is de-rated to allow for the potential of liquid metal
embrittlement, it is obvious that this thermowell is predisposed to failure. The authors
recommended use of a tapered thermowell to correct the design. This modification results in an
increased in resonant frequency, a reduction in coherence of the vortex shedding process, and a

drastic reduction in the root stresses.

The second example, Fig(3), is for a high pressure steam application considered in PTC 19.3.
Even without oscillating drag, this design is predisposed to failure if used at the PTC rating of
~392 ft/s (120 m/s). To insure mechanical integrity, the maximum velocity should be limited to
~275 ft/s (85 m/s); however, even at this velocity the tip acceleration exceeds ~100 g’s so an

alternative design is required. When both thermowell and sensor accelerations are taken into



account, the PTC application is better served by a thermowell with a length restricted to 2” (50

mm).

Conclusions

Dynamic analysis methods are the most reliable method for predicting the application limits of
thermowells. This is accomplished by combining a flexible beam model of the thermowell with a
principle stress criteria for design and use of the allowable stresses established in the ASME
Piping Codes (B31). The examples presented support the claim that high risk applications and
potential failures are easily identified in design. It is clear that sensor acceleration limits must be
included to insure measurement integrity and that both oscillating drag and oscillating lift need to

be considered in the thermowell selection process.

Sub-critical operation of the thermowell is recommended in all high velocity streams, especially
those upstream of rotating equipment, corrosive, or otherwise hazardous processes. Where a
dynamic analysis is not performed and fluid velocity is high, i.e. >100 ft/s (30 m/s) for gas and
steam and > 10 ft/s (3 m/s) for liquids, the thermowell length should be restricted to 2” (50 mm)

and 4”°(100 mm) respectively.



Figure Captions:

Figure 1: Cantilever coordinates for the continuous beam model.
Figure 2: An application where thermowell cracking resulted in a loss of containment and fire.

Figure 3: A thermowell design based on PTC 19.3 which is predisposed to failure.
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ABSTRACT

The incident of sodium leakage from a main pipe of the secondary
heat transport system (SHTS) of Monju fast breeder reactor was
caused by the failure of a thermocouple well. The thermowell was
broken apart by high cycle fatigue failure. Flow-induced vibration
(FIV) in the in-line direction associated with symmetric vortex
shedding was the source of alternating stress causing this fatigue
failure. Fractographic examinations revealed fracture patterns typical
to high cycle fatigue.

The fatigue crack growth behavior was closely coupled with the
FIV response through the variation of natural frequency of the
thermowell. Fatigue damage and fracture mechanics analyses taking
this coupling effect into account clarified the failure process from
crack initiation, growth, and to final fracture. The close interaction
between FIV response and crack growth was reproduced by FIV
fatigue tests.

INTRODUCTION

Since the sodium was loaded in 1992, the secondary loop of the
Monju fast breeder plant had been operated intermittently at 100% of
its flow rate capacity, as part of the pre-operational and general plant
performance test operations. The total time of 100% flow rate
operations was about 700 hours. The initial criticality was achieved
in April 1994 and the plant was first connected to the grid in August
1995. After that, electric power was gradually increased, on and off,
as a series of power buildup test programs. In this period, the
secondary loop was operated mainly at its 40% flow rate. The
sodium leakage occurred during this 40% operation from a main pipe
of the SHTS (Suzuki, et al., 1996).

The sodium leakage was caused by the breakage of a thermowell
that was installed on the main pipe. It was confirmed by extensive
analyses and experiments that the thermowell had been suffered from
F1V, leading to high cycle fatigue failure. This FIV was not induced
by the well known von Karman vortex shedding, but was an in-line
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oscillation associated with symmetric vortex shedding (Yamaguchi et
al,, 1997, Ogura et al., 1998).

The in-line oscillation occurred while the loop was operated at its
100% flow rate, since the reduced velocity determined from the
sodium flow velocity and the natural frequency of the thermowell was
around two in this condition. On the contrary, the well did not break
at a stretch during this period of 100% operation; rather, the final
failure took place in the 40% flow rate operation where the reduced
velocity was well below the range of in-line oscillation if the natural
frequency of the thermowell remained unchanged.

With a purpose of estimating the fatigue failure process of the
thermowell due to FIV, fracture mechanics analyses were made, along
with the usual fatigue damage analysis. Here, an interaction between
the variation of FIV response and crack growth behavior was taken
into account through the change of the natural frequency of the well.

FRACTOGRAPHY

The thermowell made of 304 stainless steel was broken apart at the
root of a steep diameter transition, as is shown in Fig. 1. A small
piece that contained the fracture surface was brought in to the National
Research Institute of Metals (NRIM), and subjected to a close
fractographic examination by scanning electron microscopy (SEM).
Figure 2 is a sketch of the examined fracture surface. Observed
features of the fracture surface related to the crack behavior can be
summarized as below.

The main crack initiated on the upstream side of the cross section,
propagating towards the downstream direction.  This is
consistent with the bending stress distribution in the in-line
oscillation.

Most of the fracture surface was occupied with mixed
transgranular and intergranular failures. It is known that this type
of failure surface is typically seen when crack growth rate is very
low in high cycle fatigue.

1

2)



3) Striations, where the crack growth rate was relatively high, were
only observed near the dimple region that corresponding to the
final ductile fracture.

Three typical crack front lines, denoted as g, b, and ¢ in the sketch,
were identified. On the lines a and c, the crack growth rate was
estimated to be extremely low, or the crack almost arrested there.
The crack growth rate was relatively high around the line b
compared to the lines a and ¢. These estimations are based on
the observed ratio of trans/inter-granular failure area: it is known

that intergranular failure prevails when crack growth rate is
extremely low.

4

SHTS Pipe Wall

Annulus for Sodium Leak Detection

Thermocouple

Sodium Flow i
1 Sodium leakage

Fig. 1 Failed thermowell

FATIGUE DAMAGE ANALYSIS

As shown in Fig. 3, the secondary sodium loop had been operated
on and off at 100% and 40% flow rates. Since the in-line oscillation
due to FIV was first significant during the 100% flow rate operation,
the fatigue damage analysis was made on this condition.

(10 : Crack initiation/coalescence -~ : Steps
[ : Low propagation rate <~ : Direction of Growth

Wl : striation -« = : Estimated Crack Front
: Dimple

Sub Crack

Sub Crack

Fig. 2 Sketch of fractographic observation
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FIV Response

The FIV response of the thermowell was estimated in terms of
displacement at the tip of the well. The dependence of the
displacement amplitude on the reduced velocity was assumed to follow
the response model shown in Fig. 4. This model was defined by
simplifying the results of FIV water loop tests and the fluid-structure
interaction analyses (Yamaguchi et al., 1997). In-line oscillation
starts at Vr=1.25, takes its maximum value of y/D=0.1 at }%=2.1, and

ceases at #=2.5 again.

The estimated responses are summarized in

Table 1.
Table1 Estimated in-line response
Temperature °C 200 325
Duration Hour 216 500
Flow Velocity m/s 52 5.2
Natural Frequency Hz 257 251
Reduced Velocity - 2.02 2.07
Reduced Amplitude -- 0.091 0.097
Nominal Stress MPa 100 101

0.1

Reduced Amplitude y/D

0.05 [

ol

0 05 1

15 2 25 3

Reduced Velocity Vr

Fig.4 In-line response model

Stress/strain Estimation

Nominal bending stress can be correlated with the displacement at
the tip of the well through the simple beam theory and the vibration
mode shape. In addition, there is a stress/strain concentration by the
geometrical discontinuity at the root of the diameter transition.
Theoretical stress/strain concentration factors were evaluated by 3D
elastic and inelastic FE analyses with solid elements. Measured value
of 0.1 mm for the radius of the root was used in the analyses, and the
stress concentration factor, K, was calculated to be about 5.2. Based
on an idea that the fatigue crack initiation is governed by grain slip in a
local region, an inelastic strain concentration factor was also calculated
to be about 3, using an average value of strain within one-grain size
from the surface. Based on these calculations and some known
relations between fatigue strength reduction factor and theoretical
stress concentration factor, the strength reduction factor was estimated
to be 3.

Fatigue Curve

The fatigue curves used in the analysis are shown in Fig. 5 for
temperature 300° to 350°C. The average trend curve was originally
proposed by Jaske (1977). It corresponds to the design fatigue curve B
specified in an appendix to the Section 111 of the ASME Boiler and
Pressure Vessel Code (Manjoine, 1983), but without safety factors of
20 on the number of cycles and 2 on the strain amplitude. The
fatigue test data obtained on the thermowell material is overplotted,
along with some existing data (Jaske, 1977). The expected upper and
lower fatigue curves were determined by applying a factor of 1.2 to the
average trend in the high cycle region.

Fatigue Life Estimation

A typical result of fatigue damage analysis is shown in Fig. 6.
Here, the average trend of the fatigue curves was used. A very large
value of accumulated fatigue damage was obtained, which implies that
the fatigue crack(s) initiated at an early stage of the 100% flow rate
operation. The region where the fatigue damage is greater than unity

10 .
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Fig. 5 Fatigue curve of austenitic stainless steels
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spreads circumferentially over about +-45 degrees. This is consistent

with the fractographic examination shown in Fig. 2.
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Fig. 6 Circumferential distribution of fatigue damage

CRACK GROWH ANALYSIS

When the fatigue crack grew, it reduced the natural frequency of
the thermowell. While the sodium flow rate remained constant, the
in-line oscillation response was also affected since the reduced velocity
varied. In this way, the in-line FIV response and the fatigue crack
behavior was strongly coupled. Fracture mechanics analyses were
made on the fatigue failure process taking this coupling into account
(Wada et al., 1997).

Method of Analysis

The analysis procedure is given in Fig. 7. Relations between
crack depth and natural frequency were derived, as shown in Fig. 8,
from a series of dynamic analysis of cracked thermowell with a 3D
solid FE model. Here, a straight crack front was assumed for
simplicity. Presence of a sub-crack on the other side of the main
crack was also considered. The same response model as in the
fatigue damage analysis was used for the relation between the reduced
velocity and the in-line response.

Crack growth rate was estimated by the linear fracture mechanics
parameter, AKX, with a relation

da/dN = C(AK™ - AKT) M

where a is crack depth, N is number of cycles, and C, m, and AK,, are
material constants. The values of these constants for 200° and 325°C
are; C=1.3x10" m/cycle, AK,=10.9 MPa-m®, and m=2.45. The
range of stress intensity factor was calculated by a simplified formula
for a 2D crack on a cylinder.
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Fig. 7 Procedure of crack growth analysis
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The process of crack growth obtained by the analysis is shown in
Fig. 9. The following scenario for the failure process was found to be
likely to have occurred.

The crack grew from its initiation under the 100%/200°C
operation up to about 1 mm and arrested there by a sharp
reduction of the stress concentration. The line a in Fig. 2
corresponds to this crack depth.

The crack started to grow again in the 100%/325°C operation
because of a larger response in a higher temperature. As the
crack grew, the crack growth rate attained its maximum value, the
line b in Fig. 2.

As the crack grew farther and the natural frequency was lowered,
the reduced velocity went out of the response range, suppressing
the thermowell to oscillate and the crack to grow. The line ¢ in
Fig. 2 corresponds to this arrest.

The crack din not grew any more in the 100% flow rate
operation. Instead, the reduced velocity for in-line response
began to be satisfied during transient operations on the way to and
from 100% flow rate. Then the crack grew again. A larger
damping and thus a smaller response were likely in this stage.
This larger damping might be attributed to some energy
dissipation effects of crack opening/closure and plasticity in the
ligament. Small response of a deeply cracked thermowell was
observed in the F1V fatigue test, which will be discussed later.
When the crack depth reached a certain value, the reduced
velocity for in-line response was finally achieved in the 40% flow
rate. This in-line response caused the final crack growth and
failure.

1)

2)

3)

4

5)

Verification by FIV Test

In order to verify the failure scenario described above, three FIV
fatigue tests on mock-up thermowells using a water loop were carried
out. Water temperature was chosen to be 57°C to reproduce the same
Reynolds number as in the 200°C sodium flow. Two mock-ups were
pre-cracked by mechanical vibration, while the other one was pre-
cracked by FIV in the water loop. Acceleration response at the tip of
the well and its frequency content were monitored during the tests.
No sheath was used in the tests to obtain large response and for

Figure 10 is a typical test result in terms of the relation between the
reduced velocity and the reduced displacement amplitude. Here,
1) The flow rate was increased up to 100% (5 m/s) and held constant
until the measured frequency was reduced by 10%.

2) Under the constant flow rate of 100%, the in-line response of the
well gradually decreased and calmed down along the path 2, since
the natural frequency was decreased, leading to an increase in the
reduced velocity.

3) Then the flow rate was varied between 100% and 40%.
Although the amplitude was small, the in-line oscillation was
resumed. The small amplitude might be attributed to an

(1) x: Flow rate ascent to 100% of capacity
(2) +&@ :Crack growth under 100% flow
(3) O& @ :Flow rate ascent to 100% of capacity
4) O& A : Flow rate descent to 40% of capacity
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Fig. 10 Typical result of FIV fatigue test
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additional damping that was brought about by energy dissipation
with crack opening/closure and plasticity.

Fracture mechanics analyses were applied to these FIV fatigue
tests. Figures 11 and 12 are the comparisons of the analysis and test
results, in terms of the variation of displacement response and natural
frequency along the elapsed time, respectively. In both of the figures,
good agreements can be seen between the analysis and the tests, which
indicates the applicability of the present analysis procedure.

CONCLUSIONS

From the fractographic examination and fatigue damage analysis,
it was confirmed that the thermowell failure was caused by high cycle
fatigue due to in-line FIV. The initiation of fatigue crack(s) was
estimated to be at an early period of the 100% flow rate operations.

Fracture mechanics analyses were performed with the interaction
between crack growth and FIV response through the change of natural
frequency taken into account.

The analysis showed that;

1. The fatigue crack once arrested, since the response of in-line
oscillation was ceased with lowered natural frequency of the
thermowell.

2. After the crack reached a certain depth, the thermowell finally

started to oscillate in the 40% flow rate condition, leading to the

breakage.

Some FIV fatigue tests were made on mock-up thermowells, and
they confirmed the failure process given by the analyses.
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ABSTRACT

A thermowell at the intermediate heat exchanger outlet of
Monju secondary cooling system was broken due to high cycle fa-
tigue which was caused by Flow Induced Vibration(FIV).

Since the other existing thermowells on the secondary cooling
system pipings in Monju have the same shape andsize, it has been
plannedthat most of those thermowells are to be replaced by modi-
fied ones and the rest to be removed.

The length of the immersed section of the modified thermowells
was chosen in order that both the requirement for the temperature
sensing and the structural integrity evaluation criteria against FIV
were satisfied.

As the requirement for temperature sensing and flow velocity of
sodium are not uniform for all thermowells, three different modified
designs were prepared for the three groups of condition. These
design concepts are presented in this paper.

A newly prepared design guide for thermowells against FIV
provided the evaluation criteria to prove the structural integrity of
the modified design. Although this design guide basically follows
ASME Boiler and Pressure Vessel Code Section IIT Appendix N-1300,
some additional evaluation methods are introduced, for example,
definition of parameters used in the lock-in synchronization avoid-
ance criteria of the design guide is extended to be applicable to a
taper-shaped thermowell. Contents of the design guide are also pre-
sented.

1. INTRODUCTION

From the investigation of the existing thermowell’s design on
the secondary cooling system pipings in Monju, problems on the
shape and structural strength of the thermowell resulting from the
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initial design approach were identified as follows;
* In order to improve the thermal response characteristics, the fol-
lowing points had been thought a great deal of importance,
-To make the thickness of the immersed section of thermowell
uniformly thin.
-To measure the temperature of sodium in the piping as close to the
center as possible.
+On the other hand, the comner radius at the narrowing point of the
well was not specified.

As for the structural design for FIV, only prevention of Kdrmén
vortex resonance in lift direction was considered but in-line vibra-
tions were not considered. Although N-1300 was added to ASME
Sec.Ill Appendix N after the design of the existing thermowells, re-
evaluation with ASME N-1300 would have found the problem of the
wells on the in-line vibration. The root cause of these problems
was a lack of recognition of the importance of non-class compo-
nents, such as the thermowells, on the coolant boundaries.

As an improvement to prevent sodium leak due to FIV, PNC
newly prepared a design guide for thermowells against FIV and de-
sign modification study of thermoweil were made, reflecting the
problems on the existing thermowells as mentioned above.

2. DESIGN MODIFICATION STUDY OF THERMOW-
ELLS
2.1 Basic Approach for Modified Design

The basic approach for modified design is illustrated in Fig 1.
Failure of the broken thermowell occurred at the narrowing point of
the stepped cylindrical well. Sodium invaded from the failure point
into the cylinder and spread out of the thermometer through the
terminal head.




Causes of the failure were the following two points,

-Only prevention of Kdrman vortex resonance in lift direction was
considered but in-line vibrations were not considered.
-Stress concentration due to a step on the cylinder.

Cause of sodium spreading out of the thermometer was,

-There was no suppression mechanism inside the well for sodium
leakage.

It is considered, therefore, improvement should be focused on
prevention of failure and suppression at sodium leakage. Detection
of the well failure should be also taken into account.

Target of improvement is aimed at prevention of failure as fol-
lows,

-Well balanced design for both measurement and strength.
-Reduce the number of penetration through sodium boundary.

For suppression with detection, target is aimed at as follows,

-Installation of suppression mechanism for sodium leakage due to
supposed well failure.

- Installation of leak detection system in case of supposed well
failure,

Removal of superfluous thermowells may be taken into account
from the view of the reduction of the number of penetration through
the coolant boundaries. Moreover, simplification of sodium con-
taining walls may leadto an development of a new temperature sen-
sor without penetration.

2.2 Specifications of Existing Thermometers

Location and number of the existing thermometers on the sec-
ondary cooling system in Monjuare illustrated in Fig. 2. Signals
from the three thermometers per loop (totally nine thermometers) at
the outlet of evaporator are used as safety protection system against
the loss of heat removal by the water/steam system.

These nine thermometers for safety protection and twenty-four
for plant interlock have specifications on response time constant.

Signals of the other two thermometers per loop at the outlet of
evaporator (totally six), one per loop at the outlet of intermediate
heat exchanger (totally three), one per loop at the inlet of super-
heater (totally three), two per loop at the outlet of superheater
(totally six) and two perloop at the outlet of aircooler in auxiliary
cooling system (totally six), that is, twenty-four thermometers as a
grandtotal, are used as plant interlocks. Among these twenty-four
thermometers for plant interlock, six at the outlet of superheater and
six at the outlet of air cooler in auxiliary cooling system (totally
twelve) have specifications on response time constant.

Signals of the other fifteen thermometers on the secondary
cooling system in Monju are used for either plant control, annun-
ciation, post-accident monitoring, record chart, inspection moni-
toring or computer input, and do not have any specifications on
résponse time constant.

2.3 Specifications of Modified Thermometers

126

Specifications of modified thermometers are based on the fol-
lowing policies,

-The function criteria for the thermometers in safety design (safety
protection system) and on plant design (plant dynamics analysis)
should be retained.

-The number of thermowells shall be based on Monju performance
specifications including redundancy.

From these policies, each two thermometers per loop at the in-
let and outlet of air cooler in auxiliary cooling system (totally six),
whose signals are used for computer input, can be removed by sub-
stituting the function of computer inputs with the other thermometer
signals at the inlet andoutlet of the air cooler in auxiliary cooling
system.

Discussions on the important parameters in design, response
requirements for the thermometers and the length of the immersed
section of thermowell are made in the following sections.

2.3.1_Response requirement for thermometers.

Safety protection system design did not require any absolute re-
sponse time constant of thermowell. Descriptions are found, how-
ever, on the response time constant given by the Monju plant de-
sign in the licensing document of Monju safety design. Modified
designs are to follow, therefore, the upper estimation of the re-
sponse time constant for the evaporator outlet temperature meas-
urement, 20 seconds, in the existing Monju safety design. The
same response time constant was used in the plant dynamics
analysis .

Since the response time constant of a thermometer is defined as
the first order delay time in the step response property of the ther-
mometer, response time constant itself is independent on the length
of the immersed section of the thermowell. Nevertheless, response
requirement in safety analysis or plant dynamics analysis is con-
sidered to be based on an assumption that the thermometer should
measure the representative temperature in the piping section. This
viewpoint leads to a requirement for the length of the immersed
section of thermowell which has the response requirement in safety
analysis or plant dynamics analysis. ‘

2.3.2 The length of the immersed section of

thermowells.

The length of the immersed section of thermowell should be
chosen, as mentioned in the previous section, long enough to en-
able the thermometer to measure the representative temperature in
the piping section. The bulk average temperature, T,, which is
defined by equation (1) is considered to be the representative tem-
perature here.

_ JJuwC,Tds
"= e, @

where, u:velocity, +v:specific weight, C, :specific heat,
T :temperature, ds:represents area integral



On the other hand, the length of the immersed section of the
modified well should be chosen shorter than that of the existing
wells so that the natural frequency of the well becomes higher in
order to lower the reduced velocity, a major parameter to judge the
structural integrity against FIV with enough margin.

The depth to measure the representative temperature varies,
however, with the temperature distribution in the piping section
which depends on the location of the thermometer. Natural fre-
quency of the well varies with the diameter and thickness of the well
which may depend on the joint form of the well to the piping. Re-
duced velocity depends, of course, on the sodium velocity inside the
piping.

There are two groups of sodium velocity in Monju secondary
cooling system, one is main cocling system, and auxiliary cooling
system is another. The former reaches around 5.5m/sec at the con-
dition of 100% thermal power in hot leg pipings, the latter remains
around 0.7Tm/sec at the condition of residual heat removal operation.

Response-required thermometers in main secondary cooling
system are those at the evaporator outlet (nine) and at the super-
heater outiet (six). The length of the immersed section of these
thermowells is designed as | {0 mm from the inner surface to the tip
ofthe well. 10 mm of 1 10 mm s forthe length from the tempera-
ture sensing point to the well tip. Therest 100 mm is for the net
length of the immersed section. This length is obtained from a
result of numerical thermalhydraulic analyses using a model of
evaporator outlet plenum and crossover-leg piping which is con-
nected with the plenum. Static and transient conditions are con-
sideredin those analyses. The evaporator outlet model is selected
as first importance, since the thermometers whose signals are used
for a safety protection system are at the outlet of evaporator. Al-
though the length 100 mm is close to the minimum value to measure
the bulk average temperature, Tb, from the analytical result, this
length is adopted as it is according to the policy to have as enough
margin for FIV evaluation as possible.

Response-required thermometers in the auxiliary cooling sys-
tem are those at the outlet of the air cooler (six). Thelength of the
immersed section of these thermowells is to be designed to follow
the result of the other response-required thermometers in main sec-
ondary cooling system as mentioned above. 110 mm from the
inner surface of the pipe to the tip of the well is also adopted, there-
fore, as the length of the immersed section of these thermowells at
the outlet of air cooler in auxiliary cooling system.

The length of the immersed section of the other thermowells,
which don’t have any requirements for the response, is to be de-
signed from the view of the measurability of sodium temperature
without the influence of the heat transfer from the piping to the
atmosphere. There is an empirical rule of the immersed length of
thermowell for steady state of sodium flow, which provides the
length as several times of the diameter of the thermocouple. The
length obtained from the empirical rule is rather short, thus it is
easy to achieve the design which has longer immersed length than
that required. In transient conditions, temperature distribution over
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the section of a piping changes as shown in Fig. 3. This result was
obtained from a transient thermalhydraulic analysis of a straight
pipe model under the condition of a step change of temperature at
|.5m upstream from the temperature measuring location. It is made
clear from this analytical result, that the length of the immersed
section is preferably longer than 20% of radius of the piping in
order for the measured temperature to reach the representative tem-
perature over the section. The length of the immersed section of
the thermowells which don’t have any requirements for the response,
is designedas 50 mm from the inner surface of the pipe to the sens-
ing point of the well. The length from the inner surface to the tip
of the well is designed 60 mm considering additional 10 mm from
the sensing point to the tip.

2.4 Concepts of Modified Thermometers
2.4.1 Well Shape and Thickness.

For all modified designs of thermowell on the secondary cool-
ing system piping in Monju, well shape is designed as a taper-
shaped cylinder without step. This choice is based on the intention
to eliminate or minimize stress concentration to provide a well
balanced design for both measurement and strength.

Thickness of each well is designed as 3 mm around the tempera-
ture sensing point and gradually becomes thicker as closer to the
joint to the piping. The design of this well shape and thickness is
quite different from the previous design for the existing wells where
the uniform thickness 3 mm was thought as the first priority for
temperature sensing. Prospect of good response performance was
obtained based on thermal response tests using taper-shaped wells
in hot water for the modified design study. It is not necessary,
therefore, to design the immersed section of well uniformly thin.

2.4.2 The length of the wells and joint form to

Based on ‘the design specification on the length of the im-
mersed section of the well mentioned in the section 2.3.1, the
length of the well and the structure of joint form of the well to the
piping are chosen, considering the other different design factors
from the temperature sensing, for example, strength against FIV,
convenience for fabrication as follows,
(1) Response-required thermowells on secondary main cooling sys-
tem

The length of the immersed section is designed 110 mm from
the inner surface of the piping to the tip of the well as is required by
the specification which is close to the minimum requirement from
the view of temperature sensing.

Not the existing nozzle joint but a built-in joint concept is
chosen for the joint form of the thermowell to the piping which
enables to design the outer diameter of the well root larger than that
when the existing nozzle joint is applied. This built-in joint de-
sign provides an advantage that the natural frequency for the funda-



mental vibration mode of the well portion inside the piping raises
up to lower the reduced velocity to less than | with enough margin
for the fundamental vibration mode. If the reduced velocity, which
is a parameter to evaluate the possibility of synchronized vibration,
is under 1, then the vortex-induced vibration can be avoided.

Two thermowells per loop (totally six) at the outlet of evapora-
tor don’t have any response requirements but are designed as the
same as the response-required thermowells mentioned above. The
reason is that these thermowells are located close to another three
thermowells per loop (totally nine) which have the response re-
quirements and it will be easy if modification is performed by a pipe
unit with the whole five thermowells per loop.

(2) The other thermowells on secondary main cooling system

The length of the immersed section is designed 60 mm from the
inner surface of the piping to the tip of the well. Since the im-
mersed length is much shorter than that of the response-required
thermowells, the existing nozzle form can be applied to the joint of
the well to the piping, keeping the natural frequency for the funda-
mental vibration mode of the well portion inside the piping high
enough to make the reduced velocity for this vibration mode lower
than 1. The length from the root of the nozzle joint to the tip of
the well becomes around 120 mm, considering the existing nozzle
height 60 mm.

(3) Thermowells on the auxiliary cooling system

The length of the immersed section is designed 110 mm from
the inner surface of the piping to the tip of the well which is based
on the specification for the response-required thermowells on the
auxiliary cooling system. Since the sodium velocity of the auxil-
iary cooling system is much lower than that of the main secondary
cooling system, the existing nozzle form can be applied to the joint
of the well to the piping, keeping the natural frequency for the fun-
damental vibration mode of the well portion inside the piping high
enough to make the reduced velocity for this vibration mode lower
than 1. Althoughitis not necessary to make the length so long as
110 mm for the other thermowells on the auxiliary cooling system,
all thermowells on the auxiliary cooling system is designedto have
uniform shape and dimensions to avoid complication.

The design concepts for these thermowells on secondary main
cooling system mentioned above (1) to (3) are shown in Fig. 4.
Specifications of these thermometers are shown in Table I.

2.4.3 Suppression and detection of sodium leak

in case of well failure.

Suppression mechanisms against the sodium leak due to sup-
posed well failure and detection systems of leaking sodium were
investigated for the modified design. There would be two sodium
leak paths out of the thermometer into the piping rooms in case of
supposed well failure.  One is a path through the connecting part of
the measuring device with the well. A metal gasket with a nut is

chosen as asuppression mechanism for this first leak path as shown
in Fig. 4.
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Another possible leak path would be inside the measuring de-
vice. Sodium leak through this second leak path can be intercepted
by means of an application of a seal weld between the thermocouple
sheath and the end plate of cylinder in the measuring device.

A contact type leak detector (CLD) is chosen as the leak detec-
tion device as shown in Fig. 4.

2.4.4 Structural Integrity of Modified Thermow-

ells.

Structural integrity of the modified concepts of thermowells
against FIV was evaluated according to the design guide for ther-
mowells against FIV which is described in the next section. As the
result of the evaluation, it was confirmed that all proposed designs
meet the criteria for avoidance of synchronized vibration at their
respective locations and flow conditions. Reduced velocity, Vr for
second vibration mode, which is the fundamental vibration mode for
the immersed section of the well, was lower than | forevery type of
design. Vibration stress levels were also evaluated and even the
maximum stress amplitude at base of thermowell among three types
of design was lower than quarter of allowable fatigue limits for de-
sign at its respective temperature condition.

3. DESIGN GUIDE FOR THERMOWELLS AGAINST
Fiv®
3.1 _Design Evaluation Procedure

The design guide will provide the design evaluation procedure
of thermowells against FIV shown in Fig. 5. As the first judgment
of the design procedure, synchronized vibration is to be avoided or
suppressed by satisfying the synchronization region avoidance
criteria. Moreover, the second judgment is to be executed on high
cycle fatigue due to stress amplitude caused by FIV.

3.2 Avoidance or Suppression of Synchronized Vi-

bration

The synchronization region avoidance criteria in the design
guide are described as follows,

If either of the following three conditions is satisfied, then
synchronized vibration can be avoided or suppressed.
(a) V. <1
by C,>64
{¢) V,<33andC, 6 >1.2
where reduced velocity, V, and reduced damping, C, are defined as

follows,

1
Vr=—— 2)
iD,
: Average flow velocity around well
.- Minimum outside diameter of well

v
D
f : Natural frequency of nth vibration mode of well



__ 4mEM,
"7 pf, D*(x)¢ (x)dx
p: Fluid mass density
D(x): Outside diameter(variable in axial direction x)
E_: Fraction of critical damping for nth mode
M, : Effective modal mass for nth vibration mode
(= f;m, ()07 (x)dx)
¢,(x) : nth vibration mode
m,(x): Effective mass per unit length
=m(x) + m, (x) + m,(x)
m, (x):Well mass
m, (x):Contained fluid mass
m, (x):Displaced fluid mass
L,: Well length subject to vortex shedding
L: Total length of well assembly

3

Two non-dimensional parameters, reduced velocity, V, and re-
duced damping, C,, are to be calculated for each vibration mode of a
thermowell in design before judging. The synchronization region
avoidance criteria is illustrated in Fig. 6. Although the criteria
basically follows the same criteria in ASME N-1300 which is appli-
cable to uniform cylinders*™, definitions of V, and C, in the design
guide here are extended to general forms applicable to cylindrical
thermowells with non-uniform diameter along the longitudinal axis
of the cylinder, for example, taper-shaped thermowells. Also, for
relatively thin walled sodium piping systems where the pipe wall is
not a rigid structural boundary it is necessary to consider the mass
distribution mode shape and frequency of the entire well assembly
including it’s interaction with the pipe wall when evaluating the
effective modal mass, M.

Another difference between the design guide and ASME N-1300
is that the former requires the synchronization region avoidance
judgment for all considerable vibration mode while the latter for a
fundamental vibration mode'®, :

The synchronization region avoidance criteria is based on the
same background data as those of ASME N-1300®,

3.3 High Cycle_Fatigue Evaluation

In addition to the synchronization region avoidance criteria,
stress amplitude in the well due to FIV is to be calculated and limited
within allowable stress limit to prevent high cycle fatigue failure.

The stress amplitude is limited as follows,

Ko, (x)s0o,
K Fatigue strength reduction factor
(Stress concentration factor)
o, (x): Flow-induced nominal stress amplitude in well
o,: Allowable fatigue limit for design
o, (x)can be calculated by the following equation,

0.(x) = £ {0, () + 03,00 + o, (0}

4

S)
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G_,(x) : Nominal stress amplitude in lift direction for nth mode
displacement amplitude by vortex shedding

G,,.(X) : Nominal stress amplitude in drag direction for nth mode
displacement amplitude by vortex shedding

G, (x) : Nominal stress amplitude for nth mode displacement
amplitude by turbulent buffeting

3.3.1 Displacement amplitude by vortex shed-

ding.

Vortex-induced vibration can be considered as forced vibration
when lock-in is avoided or suppressed Nth mode displacement
amplitude in lift direction by vortex shedding, Yy, ,(x), can be calcu-
lated from the response of a single-degree-of-freedom system sub-
jected to harmonic forces, assuming a uniform distribution of fluid
force +pV*a D per unit length of well.

_ Vi [, D(x)¢,(x)dx
YL,n (X) - 2(21cf“)2]:m,(x)¢:(x)dx AL¢|| (x) (6)
= ! ™

()] o]

A, o and f are amplification factor in lift direction, coeffi-
cient for lift force and frequency of periodic vortex shedding, re-
spectively. ¢, is fluid damping for nth vibration mode and can be
calculated by the following equation,

1 2r a2 \
s.=7(eD:L, ¢“(x)dx)("2'ﬁo_m]
D, : Average outside diameter of well in fluid
Other symbols are defined in Section 3.2.
Equation for Y, (x), displacement amplitude in drag direction
by vortex shedding, can be obtained in the same way, replacing the
subscript L in equation (6) with D. Note f, in equation (7) is re-
placed with 2f, for drag direction equation (10).
2 .
oV aoz i D(x)¢n§x)dx A0, (%)
2(2nt,)? [ m, ()42 (x)dx

1
3

@)

You(X) = 9)

A, (10)

” +{2@n+gn)2,i}

A,, o, and f are amplification factor in drag direction, co-
efficient for drag force and frequency of periodic vortex shedding,
respectively.

Constant values are assigned for coefficient for lift force,
a, and that for drag force, «, conservatively considering that the
vibration amplitudes calculated by the equations of vy, (x) and
¥,.(X) are to be consistent with experimental data®® at the
boundary of lock-in region as follows,

a, =04
o, =0.04



3.3.2 Displacement amplitude by turbulent buf-

feting.

Vibration induced by turbulence can be described by random
vibration theory. Displacement amplitude of well is to be calcu-
lated by the following equation,

Yan(X) = C, J LG, ()7 ], 97 (x)x

b, (x) (rn

64n’MI E, +¢,)

G, (f) is single-sided power spectral density generated by the
turbulent pressure field, C, is peak factor(=3), J*? (=3D_/L,) is
joint acceptance where D_ is average outside diameter of well fluid.
Although equation (11) has the identical form with the turbulence-
induced vibration formula in ASME N-1300", displacement ampli-
tude at the peak of random excitation is estimated by considering the
peak factor instead of root mean square value. Another difference
from ASME N-1300? is the additional consideration of fluid damp-
ing ¢, to structural damping .

Not many data on power spectral density of fluid force to which
an immersed cylinder inside piping, G.(f), is subjected are reported.
In the design guide, the foliowing function is presented as an upper
bound of the data on power spectral density of lift force obtained by
the tests in water piping,

G.(f) =o(i)(zpV* D, )0,/ V)
4C}
(2nf D, J
1+
'
C, : Coefficient for fluid force by turbulence

Fig. 7 shows these data® (Mulcahy, 1984) and normalized
power spectral density, ®(f), presentedin the design guide. Note
the peak of the spectral density which exists around fD/V =0.2 on

(12)

where, ®(f)= (13)

the horizontal axis is considered to be generated by vortex shedding.

Maximum Reynolds number (Re) is 1.6 x 10° in the water tests
by Mulcahy. Re may raise to more than this, however, in opera-
tion conditions of practical plants. Applicability of presented
power spectral density equation for larger Re region is confirmed by
comparing with experimental data obtained by the tests in air with
the larger Re conditions'”’(Fung, 1960).

Coefficient for fluid force by turbulence, C,, is to be constant
0.2 based on an assumption of isotropy and experimental data ana-
lyzed by Mulcahy from tests in water and in air. Fig. 8 shows the
experimental values of coefficient for turbulent lift force, C,,
coefficient for fluctuating drag force, C',, and presented constant
0.2 in the design guide. C', datashown in Fig. 8 can be considered
to be almost equal to turbulent component. Presented constant 0.2
as C, in the design guide seems to be conservative in comparison
with the data as shown in Fig. 8.

4. SUMMARY

Modified designs of thermowells have been presented for those
on the secondary cooling system piping in FBR Monju. The
modifieddesigns are based on a newly prepared design guide to pre-

vent failure due to FIV. The design guide provides high cycle fa-
tigue evaluation for stresses due to vortex-induced vibration and also
random turbulent vibration in addition to synchronization region
avoidance criteria due to vortex shedding.

As a result of the design study, each immersed length of three
different thermowells was selected much shorter than that of the
existing thermowells to satisfy the criteria in the design guide with
enough margin, also satisfying the requirement for temperature
measurement. ‘Tapered shape is adopted for each modified wells for
advantage in structural design against FIV.
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Table 1 Specifications of Modified Thermometers
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ABSTRACT

On 8 December 1995, Monju fast breeder reactor experienced a
sodium leakage from one of its secondary heat transport systems
(SHTS) main piping. However, the reactor core was remained cooled
and the safety of the core was secured. Since the secondary sodium is
not radioactive, there was no adverse influence on the surrounding
environment and the operating personnel.

The leakage was caused by the failure of a thermocouple well that
was inserted to the pipe. The tip of the thermowell was broken off
due to high cycle fatigue caused by flow-induced vibration (FIV). It
was found that this FIV was not induced by well known von Karman
vortex shedding, but it was an in-line oscillation associated with
symmetric vortex shedding.

An extensive investigation including FIV analyses and tests and
fatigue and fracture mechanics analyses revealed the failure process of
the thermowell due to FIV. Damping affected by the condition of the
sheathed thermocouple inside the thermowell was attributed to the fact
that only one thermowell failed among those in the SHTS with the
identical dynamic characteristics.

The original design of the thermowells that could not prevent this
failure was reviewed, and new designs for the improved thermowells
were made.

INTRODUCTION

Monju is a Japanese prototype fast breeder reactor (FBR) of a
loop-type with an electric power of 280 MWe (714 MW thernal). It
is fueled with mixed oxides of plutonium and uranium and cooled by
liquid metal sodium. The principal plant specifications of Monju are
summarized in Table 1, and a schematic of the plant system is outlined
in Fig. 1. (Suzuki, et al., 1996)

The Power Reactor and Nuclear Fuel Development Corporation
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(PNC) is responsible for the FBR development project, including
design, construction, and operation of Monju. The construction of
the plant was commenced in October 1985 and completed in May
1991. Loading of the fuel into the core was started in October 1993.
The initial criticality was achieved in April 1994 and the plant was first
connected to the grid in August 1995. After that, electric power was
gradually increased, on and off, as a series of power buildup test
programs, with the rated power test planned for the scheduled time of
June 1996.

It was in the course of this program that the sodium leakage
incident occurred in a main sodium pipe of the SHTS on 8 December
1995.  Although there was no radioactive influence on the
environment, the incident brought about a serious social impact since it
was the first sodium leakage in a nuclear facility in Japan.

A thorough investigation was made on the incident, and it was
found by extensive analyses and tests that high cycle fatigue failure of
a thermowell due to in-line flow-induced vibration was the direct cause
of the sodium leakage. For the purpose of this investigation, a task
force and a working group were established, independently by the
Science and Technology Agency and the Nuclear Safety Commission.

In this paper, the major technical aspects of the incident and the
following investigatiorns are overviewed.

INCIDENT DEVELOPMENT

The sodium leakage incident occurred on 8 December 1995, when
the plant was operated at its 40% of its full power as part of the plant
performance tests. Depicted below is the time history of the incident
development(Itoh, 1997).

L. Following a prior shutdown test, Monju was restarted on 6
December to conduct a plant trip test, as part of 40% electric
power tests. Operation for increasing reactor power up to 45%
was undertaken when the first alarm sounded.



Table 1 Principal plant specifications of Monju
Reactor type Sodium-cooled, loop-type | Reactor Vessel
Number of loops 3 Height / diameter 18/7m
Thermal output 714 MWt Primary coolant systems
Electrical output 280 Mwe Sodium inventory 760 ton
Fuel material PuO,-U0, Inlet / outlet reactor temp. 397/529 °C
Core dimensions Coolant flow velocity 6 m/s (inlet)
Equivalent diameter 1790 mm 4 m/s (outlet)
Height 930 mm Secondary coolant systems
Plutonium enrichment (inner core / outer core) Sodium inventory 760 ton
(Pu fissile %) Inlet / outlet IHX temp. 325/505 °C
Initial core . 15/20 Coolant flow velocity 5m/s
Equilibrium core 16 /21 Water-steam systems
Fuel inventory Feed water flow rate 113.7 x 10* kg/h
Core (U+Pu metal) 59t Steam temp. (turbine inlef) 483 °C
Blanket (U metal) 17.5¢1 Steam press. (turbine inlet) 12.7 MPa
Average burn-up 80,000 MWD/T Type of steam generator Helical coil
Cladding material SUS316 Refueling system Single rotating plug
Cladding outer diameter/thickness 6.5/0.47 mm with fixed arm
Blanket thickness Refueling interval 6 months
Upper/lower/radial 30/50/30cm
Breeding ratio 1.2

Quter shielding walt

Reactor containment vessel

Control rod drive
machanism

intermediate -
heat exchanger PUMP

Primary '

Isolation vulve

SHTS temp.
480 C

* Fuel Handling Machine

Leak location
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(43 %)

urbine speed Elaeu%:?ta‘
3600 rpm 112 MWe

l ' -
- Seawater

Feed water
temp.
193 °C

Cooling water pump

AR
Feed water

flowrate
40 %

Fig. 1 Plant system of Monju
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2.

The plant conditions just before the sodium leakage were;

Reactor power :43%
Electric power : 112MWe
Primary sodium temperature at reactor outlet  : 480°C
Primary sodium temperature at reactor inlet :360°C

Primary sodium flow rate :48%
Secondary sodium temperature at IHX outlet  : 480°C
Secondary sodium temperature at IHX inlet :285°C
Secondary sodium flow rate :39%

Main steam temperature :475°C
Main steam pressure : 120 kg/em?
Feed water temperature 1 193°C
Feed water flow rate :40%

At 19:47 on 8 December, an alarm sounded indicating an
unusually high sodium temperature at the outlet of the
intermediate heat exchanger (IHX) in the SHTS C-loop. After
six seconds, a fire alarm (smoke detector) also sounded, followed
by another alarm indicating sodium leakage in the SHTS C-loop.
It was recognized that a sodium leakage took place.

Reactor power-down operation was started at 20:00 according
to the normal shut down procedure, judging that the scale of
leakage was small. This judgement was based on the
observation that there was no significant change in the sodium
level both in the steam generator (SG) and the overflow tank.

Around 20:50, the number of activated fire alarms suddenly
increased, and an increase in white fume was observed in the
piping room. It was judged that the leakage had spread and the
reactor was manually tripped at 21:20. After the trip, the
auxiliary cooling system (ACS) cooled down the reactor. The
SHTS was cooled down to about 400°C at 22:40.

Sodium draining was started in the C-loop at 22:40 in order to
prevent further leakage, completing at 00:15, 9 December. The
blowers of the air ventilation system in the C-loop automatically
stopped.

Temperature
sensor

Hot leg of SHTS (L.oop-C) ~

7. The decay heat was removed from the core by remaining two
loops (Moniju has three sodium loops) operating at minimum flow
rate. Thus, the reactor was safely shut down and the sodium
leakage was ceased. There was no release of neither radioactive
material nor sodium compound (aerosol) to the surrounding
environment.

A walk down observation of the piping room was carried out right
after the incident was settled down and it revealed that the location of
the leakage was around a thermocouple installed on the main sodium
pipe just downstream of the IHX of SHTS C-loop. Fig. 2 is a sketch
of the piping room after the sodium leak. The sodium that leaked out
reacted with air and resulted in sodium fire. Approximately 1 m® of
sodium compound formed a semicircular mound on the steel floor liner,
nearly 3 m in diameter and 30 cm high. A ventilation duct directly
beneath the pipe developed a hole extending over a half of the
perimeter facing the concrete wall with lumps of deposits around the
opening. On the walkway grating made of iron beneath the pipe, an
opening was also formed and some lumps of the deposit stuck around
the edges. No - further anomaly was recognized in the main sodium
pipe. Traces of sodium compound was observed over the entire floor
of the SG room connected to the pipe room and on the passages of the
first and second floors. It was estimated by later analysis that a total
amount of about 640 kg of sodium leaked out.

INITIAL FAILURE INVESTIGATION

As shown in Fig. 3, the thermocouple well is horizontally inserted
into the pipe, welded by a nozzle that stands on a sidewall of the pipe.
The well extends into the center of the pipe, for about 185mm. It is
not smoothly tapered, but there is a steep diameter change. The
diameter of the well at the tip is 10 mm for about 150 mm long. A
sheathed thermocouple is inserted into the well.

iy
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_\
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Fig. 2 Situation of the piping Room (C) after Sodium Leakage



Failure of the thermowell was suspected from the early stage since
the leakage occurred around it. This was confirmed by radiography
taken in-situ from outside the pipe. About two months later of the
incident, the thermowell was cut out of the pipe and it was found that
the tip of the well was broken apart at the root of the steep taper and
missing, allowing sodium to leak directly out of the pipe. This tip
was later found in the superheater and collected. The sheathed
thermocouple remained intact, but it was bent about 45° toward
downstream.

A close fractographic observation was made on the fracture
surface of the thermowell by the National Research Institute of Metals
and the Japan Atomic Energy Research Institute (Itoh, 1997). As
illustrated in Fig. 4, the fracture surface showed a typical feature of
high cycle fatigue failure with crack initiation, very slow propagation,
and final ductile rupture.

Among the potential loads including thermal and mechanical ones,
only FIV was identified to produce an alternating stress that could lead
to high cycle fatigue failure by the preliminary analysis.

10mm® - 3 mmt

Bowed
thermocouple

| epleglepleglgeglg. ————  ———
Lost well tube "
185.5 mm Sodium leak

Direc ion of

sodiumflow e e
Fig. 3 Broken termowell
[0 ] : Crack initiation/coalescence =~ : Steps
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Il : striation = . = : Estimated Crack Front
: Dimple ||I‘
Sub Crack

Sub Crack

Fig. 4 Sketch of fractographic observation
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DETAILED INVESTIGATION

In order to clarify in detail the cause of the thermowell fatigue
failure due to FIV, a thorough investigation was made, including:

- Dynamic analysis of the thermowell

- FIV water loop tests on mock-up thermowells

- FIV analysis (CFD)

- Fatigue analysis

- Fracture mechanics analysis

From the studies, the cause and the process of the thermowell
failure was clarified as follows:
1. The reduced velocity of the thermowell, ¥+ = U/D, where U is
sodium flow velocity, f and D are the natural frequency and the
outer diameter of the well, was closed to 2 and the well was very
lightly damped. Significant in-line oscillation with shedding of
symmetric vortices, not with well-known Karman vortex street,
took place under this condition. The occurrence of the in-line
oscillation was confirmed both by the FIV water lop tests and
CFD analysis (Yamaguchi, et al., 1997).

The failure process under the history of the plant operating
conditions was estimated from the fracture mechanics fatigue
crack analysis (Wada, et al., 1997).

a. Fatigue crack(s) was initiated at a relatively early period
of 100% flow rate operation, due to the in-line FIV.

As the crack grew, the natural frequency of the well
decreased, which in turn lowered the FIV response because
the reduced velocity went out of the significant in-line
oscillation range. The crack growth rate was
correspondingly decreased, and finally the crack arrested
during the 100% flow rate operation.

On the other hand, the condition of the reduced velocity V¥
of 2 was achieved not in the steady 100% flow rate
operations, but in transient periods from and to 100% flow
rate. During these periods, the crack repeated gradual
growth and arrest.

The crack grew farther and finally the in-line oscillation
began to occur in the subsequent 40% flow rate operations,
leading to the final failure and sodium leakage.

This scenario with a close interaction between in-line
oscillation response and the crack growth through the change
of natural frequency of the well was reproduced in the FIV
water loop tests.

b.

In total, forty-eight (48) thermowells were installed in the SHTS.
Integrity of all the remaining thermowells in the SHTS was examined
by radiography, ultrasonic inspection, and visual inspection with
fiberscope. As a precaution, however, the thermowells in the other
loops were reinforced by additional seals to prevent possible sodium
leakage. Two thermowells were cut out of the pipe for detailed
examination purposes. No slight structural damage or anomaly was
found by these examinations. .

Then a question was raised; why this particular thermowell failed
while all the others remained intact? Additional vibration tests and
FIV tests were carried out which focused on this issue, and it was
found that the sheath of thermocouple inside the well significantly
affected the dampingcharacteristics and then FIV response of the well.



Basically the sheath increases the damping by dynamically
interacting with the well; e.g., friction and shock between the sheath
and the inner wall of the well. This effect is significant when the
sheath is normal and straight. Since the in-line vibration is very
sensitive to the damping, almost negligible response is produced when
the sheath is normal. However, when the sheath is bent to the inside
wall of the well, this interaction is suppressed and the damping is also
decreased. With the bent sheath, significant in-line vibration occurs
because of the low damping.

This dependency of damping and in-line response on the
condition of the sheath inside the well was confirmed by vibration tests
and FIV water loop tests, as are shown in Figs. 5 and 6. In addition, a
good correspondence was seen between the patterns of scratch mark on
the sheaths of failed thermocouple and artificially bent one.

From these observations, it was inferred that the damping of the
failed thermowell was especially low due to the bent sheath and the
thermowell suffered from a large in-line vibration.
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REVISIT TO ORIGINAL THERMOWELL DESIGN

The original design of the thermowells was made during the
period of 1984 through 1989. In this design, attention was only paid
to avoid lock-in resonance with Karman vortex street in lift direction
oscillation, as was usually done in designs against FIV. Here,
reference was made to the ASME Performance Test Code 19.3, which
was applicable to tapered thermowells. Importance was put on quick
thermal response and measurement of the temperature at the center of
the pipe. The geometry of the thermowell was rather governed by these
factors, that is, small diameter and long well.

No consideration was given to the possibility of in-line oscillation
with symmetric vortex shedding in the original design. Although this
type of FIV had been known mainly in marine engineering pertinent to
the offshore structures, neither PNC nor the manufacturer recognized
its importance. On December 1991, a non-mandatory design guide
on FIV of tubes and tube banks was supplemented to the Appendix N
to the Section III of the ASME Boiler and Pressure Vessel Code.
Design considerations for avoiding or suppressing both cross-flow
(lift) and in-line (drag) oscillations by the vortex shedding were
described in this guideline. However, both PNC and the
manufacturer failed to take a chance to review the thermowell design
on the issuance of the revised Appendix N.

Lack of recognition that thermowells are important components
composing part of the main sodium boundaries can be pointed out as
another shortcoming in the original design. Because the thermowells
formed part of the sodium boundary, care should have been taken in
their design as in the design of the Class IIf components. However,
the thermowells were treated as instrumentation devices and no clear
and explicit classification as sodium boundary components was given
in their design specifications.

It also implies a poor structural design that there was no
specification given on finishing the root of the diameter transition to
give a sufficiently large radius of curvature. In fact, the root of the
diameter transition was left as lathed. If a proper finishing had been
specified to avoid an excessive stress concentration at the geometrical
discontinuity, then this failure might have been avoided.

MODIFIED THERMOWELL DESIGNS

It was decided to replace all the thermowells in the SHTS with
modified designs, since those in the main loops were susceptible for
in-line FIV with their reduced velocity being around 2. Three
thermowell designs were newly developed, depending on their
functional requirements and locations. All the designs uses tapered
well, instead of steep diameter change. A redundant suppression
mechanism is also employed against postulated failure of the well and
sodium leakage. Susceptibility of these designs was evaluated in
accordance with the “Proposed Flow-induced Vibration Design Guide
for Thermometer Wells” that was developed by PNC.

The three thermocouple designs, Type A, B, and C are shown in
Fig. 7, along with the existing ones. The Type A thermowell is
directly welded to the pipe, while the Type B and C thermowells are
mounted on the existing nozzles. The three design types have
different penetration designs and different insertion length into the
flowing stream. However, outboard of the pipe the designs are



identical.

The Type A design provides the most rigid design to minimize
FIV with a pipe wall penetration of 105 mm into the flowing stream.
This design requires that the original thermowell nozzle be cut out and
replaced with a solid section which supports the inner well probe and
the outer nozzle extension. The Type A design has been selected for
those locations where the thermal response measurement is part of the
secondary main loop safety system.

The Type B design does not require removal of the original nozzle
but the penetration into the flow stream is reduced to 55 mm to provide
adequate rigidity to resist FIV, The thermowells of this design are
used for control and recording functions in the main secondary loop.

The Type C thermowells are the same as the Type B except that
the penetration into the pipe wall is 105 mm, the same as for Type A.
This design is used in the secondary system auxiliary flow loop where
the velocity is low and there is no concern about FIV.

CONCLUSIONS

The direct cause of the sodium leakage incident in the Monju fast
breeder plant was identified to be high cycle fatigue failure of a
thermocouple well that was caused by FIV. This FIV was not usual
lock-in resonance with Karman vortex shedding, but in-line oscillation
associated with symmetric vortex shedding.

An extensive investigation including FIV analyses and tests and
fatigue and fracture mechanics analyses revealed the failure process of
the thermowell due to FIV. Damping affected by the condition of the
sheath inside the well was attributed to the fact that the only one well
failed among those which had the identical dynamic characteristics in
the SHTS wells.

The original design of the thermowells that could not prevent this
failure was reviewed, and the new designs for the improved
thermowells were presented.

ORIGINAL
DESIGN

CLD
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ABSTRACT

In December 1995, a thermocouple well broke at the prototype
fast breeder reactor, Monju. In this paper, a water flow test and
numerical simulation of the flow-induced vibration of the
thermocouple well are presented. The test was conducted in water
using a full-scale model. Both the test and analysis identified an in-
line vibration and symmetric vortex shedding at the rated flow
condition. Furthermore, it was found that an in-line vibration
occurred at a decreased flow rate, if the natural frequency of the
thermocouple well was reduced.

1. INTRODUCTION

Liquid sodium leaked from the Monju fast breeder reactor in
December 1995. It was caused by flow-induced vibration, which
damaged a thermocouple well of the secondary main cooling piping
(Yamaguchi, 1997).

The thermocouple on the secondary main cooling piping is welded
to the side of piping with the well projected 185 mm in the piping.
The diameter of the well is reduced to 10 mm over a length of 150
mm from the end as shown in Fig. 1. Generally, a well placed in a
flow field vibrates due to the Karman vortex formed in the flow. A
certain factor other than the lock-in in the cross flow direction by the
Karman vortex is supposed to have existed because the frequency of
Karman vortex at 100% flow is about 40% of the natural frequency
of the well and the liguid sodium leakage occurred at a much smaller
velocity of flow (during a 40% flow test). In this paper the authors
explain the flow induced vibration of a thermocouple well based upon
the resuits of hydrodynamic tests and numerical analysis conducted
within the framework of efforts to identify causes of the damage to
the thermocouple well.

Nipple

Conncctor

Fig. 1 Schematic drawing of the thermocouple well.

2. FLOW-INDUCED VIBRATION TEST
2.1 Basic method of test
(1) General

The authors conducted a hydrodynamic test with a full-scale
model of the thermocouple well in order to establish the
hydrodynamic characteristics of the thermocouple well under
conditions of the same size piping as that of the Monju reactor. We
have collected data on the basic characteristics of the flow induced
vibration and evaluated the effect of the following parameters on the
vibration characteristics:

* Natural frequency of thermocouple well
* Temperature condition of fluids
+ Presence/absence of circulating flow in piping
+ Insertion condition of thermocouple sheath.
The basic method of the test is described below.
a.  Simulation of the piping and thermocouple well

A full-scale model was used in the test. The diameter (outer

diameter: 558.8 mm) and wall thickness (9.5 mm) of piping was

simulated. The thermocouple well, including nipple and
connector, was simulated in full-scale.

b.  Simulation of fluid flow field in piping
Simulation of local fluid flow characteristics (vortex shedding



characteristics) is significant for evaluation of the vibration
characteristics of a thermocouple well. The velocity and
Reynolds number of coolant under the reactor operating
condition was simulated in the water flow test. The kinetic
viscosity coefficient of liquid sodium was simulated by change of
water temperature. It was estimated from a water flow test
separately conducted that circulating flow was generated in the
piping. For this reason, the test was conducted by adding
circulating flow in order to evaluate its effect in the piping on the
flow induced vibration characteristics of thermocouple well.
Simulation of vibration characteristics

Concerning the characteristics of vibration, we focused on the
reduced flow velocity (Vr) and reduced damping (Cn), which
are considered to be significant parameters for the evaluation of
flow-induced vibration. They are defined as follows:

® Reduced flow velocity
Vr=(v/fd), M
where, v: Average flow velocity over cross-sectional area of
piping (mv/s), d: Diameter of well tube (m), f: Well
natural frequency (Hz).

@ Reduced damping (stability parameter)

Cn = 4315nIL ml(xyn(x) dx
n= >
p'd ILe ¢n(x) dx )

where, m,: Total mass per unit length of well (kg/m)
&, : Damping ratio(-)
o : Density of fluid (kg/m®).
¢, . n-thvibration mode

L. : Length of well in the fluid (m)

L : Length of well (m)

Vr can simulate the actual condition by making the shape of the
thermocouple well model and flow velocity in the piping the same as
the actual system. The condition Cn of the actual system can be
mostly simulated in the above manner, although it becomes lower in
the test than in the actual one since the density of water is higher than
the sodium in the range of testing conditions used in the test. Cn
(test)/Cn (actual system) is approximately equal to 0.92 for
simulation of sodium at 200°C. However, the effect of Vr on the flow
induced vibration characteristics of the thermocouple well was
evaluated over a wider range in the test with the fluid velocity and
natural frequency of thermocouple well taken as parameters.

(2) Testing apparatus and thermocouple well model

Figure 2 shows the apparatus used for the water flow test. A
closed loop was employed as the loop configuration with the outer
diameter and wall thickness of piping set to the same values as those
of the actual system. A rectification lattice was installed at the
upstream of the piping to rectify the flow at the section in which the
thermocouple well was installed. A device to add the circulating flow
was also installed in some cases.

Figure 3 illustrates the test pieces used for the thermocouple
well. A reduced natural frequency well was used to establish the
effect of the natural frequency of the thermocouple well together with
an intact well to obtain a basic knowledge of the characteristics.
This test assumed that the crack generated on the neck of the
thermocouple well reduced the natural frequency of the well. More
specifically, it is a thermocouple well model with natural frequency
reduced to about 50% of the intact well by partially reducing the wall
thickness of well tube to 1 mm. However, the outer diameter of the
tube at the area with reduced thickness is maintained to 10 mm by
refilling the area with resin to eliminate the influence interaction
between the tube and fluid.

15m

Pump

Fig. 2 High temperature water flow test loop
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Connector

Nipple

Accelerometer

Thermo-well

Intact thermo-well model

‘Reduce wall thickness to | mm (30 mm range) "{
-Fiil the resin to keep well diameter 1 6 mm '

Accelerometer

Reduced natural frequency model
assuming the crack

Fig. 3 Concept of thermo-well model

(3) Parameters and conditions for test
a. Basic case
- Thermocouple well
thermocouple sheath)
- Water temperature: 57°C (equivalent kinetic viscosity of
200°C sodium)
- Circulating flow in pipe: None

model: Intact well (without

b. Test parameters
Items listed below were used as parameters for the test of the
basic case in order to evaluate the effect on the characteristics
of flow induced vibration.
O Natural frequency of thermocouple well
Reduced natural frequency well (natural frequency
approximately 110 Hz) was used. (See Fig. 3)
@© Water temperature
The relationship between the water temperature setting the
testing condition and the temperature of sodium simulated
at the temperature is shown below.
- Water temperature 57°C: Equivalent kinetic viscosity of
200°C of sodium (Basic case)
- Water temperature 78°C: Equivalent kinetic viscosity of
325°C of sodium
- Water temperature 98°C: Equivalent kinetic viscosity of
450°C of sodium
Table 1 compares the kinetic viscosity and density of each
fluid in the basic case.
@ Circulating flow in pipe
The device to add circulating flow in the piping was
installed at the upstream of the section where the
thermocouple well is installed to simulate the flow
condition in the pipe as anticipated at the section (about
20% of the velocity of main flow). (See Fig. 2)
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Table t Comparison of fluid properties
{water and sodium)

Water Sodium
Temperature(°C) 57 200
Fluid mass density (kg/m’) 985 904
Kinetic viscosity (m?%/s) 5x107 5x107

(Example at sodium temperature 200°C)

@ Insertion condition of thermocouple sheath
The insertion condition of the thermocouple sheath was
used as the parameter as follows (see Fig. 4):
- Thermocouple sheath installed (straight sheath)
- Thermocouple sheath installed (with sheath knuckled at
step-like joint of thin and thick tubes of well)

[Type A] Straight

/well
m———]

[Type B] Knuckled

Fig. 4 T/C sheath condition in the thermo-well

The flow velocity in the pipe swept the range between about
1m/s to 8m/s, which included the actual rated flow velocity
condition of 5.5m/s.



2.2 Test results
(1) Basic characteristics of flow induced vibration of thermocouple
well (basic case)

a. Natural frequency

Figure 5 shows the results of measurement of thermocouple
well mode! vibration frequency under the condition of flow
velocity in the pipe swept up to 8.3 m/s and water temperature
57°C (equivalent kinetic viscosity of 200°C sodium) given by
the analysis of response from an accelerometer installed at the
neck of the well. The result shows that the frequency of about
250 Hz dominates in both the in-line and cross flow directions
without any observable amount of other components. Fig. 6
shows the results of analysis of the response at the end of the
thermocouple well with the white noise applied as the external
condition in the form of a transfer function. The resuit shows
that the vibration mode of the thermocouple well as a cantilever
(secondary mode) dominated as compared with the rocking
mode of the well (primary mode). The result shown in Fig. 5
corresponds to the secondary mode as judged from vibration
frequency.

~250Hz

500Hz

In-line direction

0

b. Acceleration response

Figure 7 shows the response of the accelerometer. The
vibration in the in-line direction started from the region of low
flow velocity (about 3.5 m/s) as compared with the rated flow
velocity (5.5 m/s). The vibration increased with increasing flow
velocity and reached the maximum value at the velocity of
about 5 to 6 m/s. The vibration tended to decrease at flow
velocities higher than this value. The degree of vibration in the
cross flow direction is low compared with that in the in-line
direction. The vibration in this mode occurs in the lower flow
velocity region than the usually anticipated Karman vortex
synchronized vibration region. This is because the resonance
flow velocity with the Karman vortex is calculated to be equal
to about 12 m/s assuming a Strouhal number of 0.21.

The vibration was found to have a nearly completely sinusoidal
waveform as shown in the enlarged chart of acceleration
waveform attached to Fig. 7.

~250Hz

500Hz
Cross flow direction

(T/C) sheath not attached

Fig. 5§ Natural frequency in the velocity sweep test

0.16

Vibration mode

2nd
i 2nd

Amplitude

0.
04 1st

0.000 300

100 200
Frequency (Hz)

Fig. 6 Transfer function of thermo-well displacement
{Analysis)

Acceleration (G, p-p)

Cross fiow direction gL

(=]
In-line directio :
~| B4k | 5 Ep e accelerometer
4 I 6
— flow velocity (m/s
g 100 v )
=4
% 0 \/\/\/\/\/ (Note) T/C sheath not attached
®
8
2'1000 time 20msec.

Wave shape (flow velocity at 5.5m/s)

Fig. 7 Response of the accelerometer
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c. Displacement at the end of the thermocouple well

Figure 8 shows the displacement at the end of the
thermocouple well (non-dimensional amplitude) estimated
from the response of the accelerometer together with reduced
flow velocity (Vr). The vibration in the in-line direction started
at the reduced flow velocity of about 1.3. The displacement
reached the maximum value at 2.2, followed by a gradual
decline. The maximum displacement was about 1.3 mm. The
displacement in the cross flow direction is relatively small.

0.2 In-line direction (T/C) sheath not attached

Water temperature : 57°C
5 v : flow velocity in the piping (m/s)
(TS f: natural frequency of the well (Hz)
& < 0.15] d: diameter of the well (m) :
S® y : displacement of the well top (m) ’
a2 N\
%53 VI
2% ot
[) =
g E
B o :
£ 005
©
14

0 ! N |
0 0.5 1 1.5 2 25 3 36 4
Reduced flow velocity (v/fd)
Cross flow direction
T T T T

Water temperature : 57°C
tTT v : flow velocity in the piping (m/s)
© 3 f . natural frequency of the well (Hz)
g T 0.15} d: diameter of the well (m)
8 o y . displacement of the well top (m)
S
g5
2T o1
O =
32
S o
£ 005 -
©
(14

0 "

0 0.5 1 1.5 2 25 3 3.5 4
Reduced flow velocity (v/fd)

Fig. 8 Ratio of well displacement to well diameter in the
in-line motion

d. Visualization of vibration behavior

The flow at the end of the thermocouple well was visualized by
bubbles injected at the upstream and illuminated with a laser
light sheet. The result is shown in Photo. 1, demonstrating
the symmetric formation of vortexes on both sides of the well
under the presence of vibration in the in-line direction at a rate
of one pair of vortexes per cycle in synchronization with the
vibration.
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Flow velocity : 5.5m/s

Thermocouple-wel
r.oc’upewel Water temperature : 57 °C

- .

Photo. 1 Visualized symmetric vortex around the

@

a,

thermo-well

Evaluation of effect of several factors on the flow-induced
vibration characteristics

Natural frequency of thermocouple well

We conducted a test under the condition of reduced natural
frequency of the thermocouple well. Fig. 9 compares the
displacement in the in-line direction at the end of the well
arranged with the reduced flow velocity with the basic case.
Vibration in the in-line direction starts at the reduced flow
velocity of about 1.3 and shows a similar behavior to the basic
case. When it is converted to actual flow velocity, the vibration
starts at a flow velocity of about 1.5 m/s , or lower velocity
than the velocity in the basic case (about 3.5 m/s). As the
gradual decline of displacement was observed in a similar
manner at reduced velocity of 3 or higher, it was judged that
data on thermocouple well model with different natural
frequency can be rearranged by the reduced flow velocity. The
smaller vibration displacement of reduced natural frequency
well than that of the basic case may be attributed to the
increased damping due to filling of the thin walled section with
resin.

A reduced flow velocity of 2 is obtained under the assumption
of 40% flow rate condition of the actual system (flow velocity:
2.2 m/s) and the vibration may start in the region. For this
reason, the vibration may start under the 40% flow rate
condition in the thermocouple well with reduced natural
frequency due to crack propagation.
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Fig. 9 Ratio of well displacement to well diameter in the

Ratio of well displacement
to well diameter (y/d)

in-line motion
(effect of natural frequency of thermocouple well)

In-line direction (T/C) sheath not attached
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Water temperature : 57°C
------ Water temperature : 78°C
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Fig. 10 Ratio of well displacement to well diameter in

b.

the in-line motion
(effect of water temperature (intact well))

Temperature condition of fluid

Figure 10 shows the displacement at the end of the thermocouple
well in the intact well with the water temperature taken as the
parameter. Although the vibration onset flow velocities match each
other, the displacement of vibration was temperature dependent,
showing a gradual reduction of the maximum displacement at the
end of the well with increasing temperature.

Figure 11 plots the similar result of the reduced natural
frequency well, which did not show temperature dependency

as seen in the basic case. The flow velocity may be involved
together with the water temperature since the flow velocity of

the reduced natural frequency well for the same reduced flow
velocity was about 50% of that in the basic case. Accordingly,

this behavior may be also affected by the Reynolds number.
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Values of Reynolds number (water temperature 98°C) for the
reduced flow velocity of 2 were about 1.7 X 10° (intact
well) and about 7 X 10% (reduced natural frequency well).
The reduction of vibration displacement may be explained by
the reduced correlation length due to the increased value of
Reynolds number.  Further investigation is needed.

¢. Circulating flow in pipe
Figure 12 shows the displacement at the end of the well with
the presence and absence of circulating flow as a parameter. It
was confirmed from this result that the effect of circulating
flow in the pipe on the basic flow-induced vibration behavior
of the thermocouple well was low, including onset and
termination conditions and displacement of the vibration.

(Note) T/C sheath not attached

.

In-line direction

T s Y
Water temperature : 57°C
Water temperature : 78°C
Water temperature : 98°C

©
-
(4]

[ v: flow velocity in the piping (m/s)

£ . natural frequency of the weli (Hz)
d : diameter of the well (m)

y : displacement of the well top (m)
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Ratio of well displacement
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Reduced flow velocity (v/fd)
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Fig.11 Ratio of well displacement to well diameter in the
in-line motion
(effect of water temperature (natural frequency
reduced well))

In-line direction (T/C) sheath not attached
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0 0.5 1 1.5 2 25 3
Reduced flow velocity (v/fd)

Fig. 12 Ratio of well displacement to well diameter in
the in-line motion
(effect of circulating flow in the piping)



d. Inserted condition of thermocouple sheath
Figure 13 shows the displacement at the end of the well with the
insertion condition of the thermocouple sheath as a parameter.
The displacement under the presence of the thermocouple sheath
was low as compared with that without the thermocouple sheath
inserted. Without the knuckle of the sheath, in particular, the
displacement was smaller than 10%. A reason for this was
estimated to be the dissipation of energy caused by the interference
effect between the thermocouple sheath and inner wall of the
thermocouple well (collision and friction).
The displacement was larger in the case with the knuckled sheath
since the well and the sheath vibrate in an integrated manner.

02 In-lme dlrecuon

_—
Water temperature 57'c
-~ v : flow velocity in the piping (mvs)
% kel f: natural frequency of the well (Hz)
£ > Ld diameter of the well (m)
& . 0.150y: dlsplaoement ofthe welltop (m) —~— T/C shea'th not atta'ched**-
oL X T/C sheath atiached
3 o | 7N (knoskiedi TypaB in Fig.4)
T35 01 : *
[ = H
[}
E3
< 3 z
S o '|
o™ :
= 005
[ T/C sheath aﬂached S /
o Hstraight: ‘ll'ypeA in Fig. 4)'
! L]
0 i M ) iRl el Srardt X — A o S S
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Reduced flow velocity (v/fd)

Fig. 13 Effect of sheath condition in the well

3. NUMERICAL SIMULATION

3.1  Fluid structure coupied model

The computer program solves Navier-Stokes equations coupled
with equation of structural motion by ALE method (Arbitrary
Lagrangian and Eulerian). A geometry for an analysis is limited to a
two-dimensional model due to computational time and cost.
Therefore three dimensional phenomena are transformed to a two-
dimensional problem. This program has been verified by some
theoretical solution and experimental results (Yamaguchi, 1996).
The program is valid if a single cantilever mode dominates the motion
of the thermocouple well. The well is modeled as a two-degree-of-
freedom system with viscous damping. That is, the well is modeled as
a nodal mass with spring and dashpot in the in-line and cross flow
directions. Using the generalized mass and generalized force for the
n-th mode, the equations of motion are expressed as the following
equation (Blevins, 1977):
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where M, is the generalized mass per unit length:

M =JLm(Z»2n( )d (4)

"l

This formulation equates the kinetic energy of the nodal mass and
three-dimensional/beam. Here, x and y are the displacements in the
in-line and cross flow directions, respectively. Single and double dots
describe the first and second derivatives with respect to time. Here,
#n @, and &, are the mode shape function, the natural angular
frequency, and the damping ratio with respect to the mode. The
longitudinal coordinate is z in the slender part of the well, being 0 at
the well tip. P, and P, are hydraulic force per unit length in the in-line
and cross flow directions, respectively. They are calculated at the tip
(z=0) of the well as:

Px(ov’) _ 27( — p(@,t) —13(0,1) cos@| d
Py(o’t) _J-O Tg(g,i) —p(O,t)Hsina}Z
where 14 is the circumferential shear stress at the surface and d is
the outer diameter of the well. The pressure distribution on the well
surface is obtained by solving the Navier-Stokes equations. The
circumferential distribution of the shear stress is calculated from the
radial gradient of tangential flow velocity around the well surface.

We need to determine the dependency of the in-line and cross
flow loads on the longitudinal coordinate, z. From the preliminary
analysis, it was found that the loads are almost in proportion to the
displacement of the thermocouple well. Therefore, it is assumed that
the longitudinal distribution of the load is evaluated using the mode
function.

The mesh size in the radial direction around the thermocouple well
is set to about 30 u m considering the thickness of the boundary layer
(about 100 1 m). The area around the thermocoupie well is divided in
the circumferential direction into meshes of the same order (about 60
i m). The increment of time is set to about 1us for reasons of
analytical accuracy and numerical stability.

&)

3.2 Analytical result
(1) Analysis for 100% flow rate condition

The result of flow-induced vibration analysis under the
conditions of 100% flow rate, sodium temperature at 200°C,
damping ratio equal to 1.0% and the natural frequency of 272Hz (in
air) is examined as an example. The flow velocity was increased to a
specified value ramp-wise in 0.1 s from the still state.

Figure 14 shows the time history of the displacement in the in-
line and cross flow directions of the well. The root mean square
(RMS) of displacement around the time average given by the



analytical result after 0.4 s is 0.59 mm and 0.13 mm, respectively, in
the in-line and cross flow directions. As the response of displacement
is nearly sinusoidal, the average displacement given by multiplying
RMS by v 2is 0.83 mm and 0.18 mm in the in-line and cross flow
directions, respectively.

In-line Displacement (mm)

Cross-Flow| i -1
: —

(ww) yuswase|dsiq mo|4-ss0L)

-‘6 Lo vl L ) i "y 1

.0 0.2 0.4 0.6 0.8 1.0 1.2
Time (s)

Fig. 14 Time history of the displacement response of the

well

{(2) Analysis for 40% flow rate condition

An analysis was performed to check whether the vibration
occurs in the in-line direction under the conditions of 40% flow rate
and sodium temperature 485°C of the intact thermocouple well
(reduced flow velocity 0.9). The damping ratio of 0.5% was taken.
The natural frequency in the sodium is about 240 Hz at this
temperature. Figure 15 shows displacement in the in-line and cross
flow directions. The average displacement determined from the range
in which the response is almost steady was sufficiently smaller than
1% of the diameter of the thermocouple well in both the in-line and
cross flow directions (order of 10 mm), suggesting that they would
not damage the thermocouple well. Unlike the analytical result of
100% flow rate condition, the vibration in the in-line direction was
not dominant.

Another analysis was conducted with reduced natural frequency
and 40% flow rate condition under the assumption of a crack on the
thermocouple well. Figure 16 shows the displacement in the in-line
and cross flow directions under the condition of natural frequency
reduced to 145Hz (in air). The reduced flow velocity was about 1.6.
The synchronized vibration was analyzed in the in-line direction. It
was shown that the flow-induced vibration may occur even with low
flow velocity if the natural frequency of thermocouple well was
reduced by the crack in the 40% flow rate condition.
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Fig. 15 Time history of the displacement response of the
well at 40% flow
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Fig. 16 Time history of the displacement response of the
well with reduced natural frequency at 40% flow

4. CONCLUSIONS

(1) As a result of the flow-induced vibration test and analysis of
thermocouple well, dominant synchronized vibration was
measured and analyzed in the in-line direction.- The dominant
vibration in the in-line direction has been observed in
experiments conducted by several researchers including King
(King, 1977). Symmetric vortex shedding from both sides of the
thermocouple well was also confirmed. As discussed in chapter
2.1, size and reduced damping of the well model is almost same
as the actual one. Therefore, according to these results, it is
probable that the in-line synchronized vibration, which takes
place when the reduced flow velocity is about 2, occurred in the
damaged thermocouple well.

(2) The authors investigated the flow-induced vibration
characteristics under the condition of reduced natural frequency
of the well, assuming a crack on the thermocouple well in the
operating condition when the sodium leakage toock place (40%
flow rate and sodium temperature 485°C). Both the water flow
test and analysis indicate that significant vibration did not take



